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Een belangrijke trend binnen de automobielindustrie is het bestendig streven naar massare-
ductie van de constructie. Omwille van hun uitmuntende sterkte/gewicht verhouding, komen
vezelversterkte composieten steeds nadrukkelijker in beeld als potentieel alternatief voor sta-
len auto-onderdelen. De industrie stelt echter steeds strengere eisen qua veiligheid, wat zich
vertaalt in concrete specificaties inzake crashbestendigheid en impactweerstand. Traditionele
composietmaterialen kunnen niet langer tegemoet komen aan deze desiderata.
Recent is een nieuw hybride composietmateriaal ontwikkeld, waarbij een klassiek thermoplas-
tisch composiet gecombineerd wordt met hoge sterkte staalkoorden. Met deze materiaalcom-
binatie wordt het realistisch om lichtgewicht kunststof structuuronderdelen te maken, welke
een sterk verbeterde energieabsorptie en een adequaat faalgedrag vertonen.
Om tijd en kosten te besparen, maakt men sinds jaar en dag gebruik van zgn. virtual car
design, zoals crash simulaties op basis van eindige elementen berekeningen. Deze computersi-
mulaties zijn echter slechts betrouwbaar indien zij gestoeld zijn op correcte materiaalmodellen.
Een accurate beschrijving van het mechanisch gedrag (in het bijzonder inzake impact, ener-
gieabsorptie en faalmechanismen) van het nieuwe hybride composietmateriaal is derhalve een
absolute noodzaak.
Het doel van het voorgestelde onderzoek is de numerieke modellering (op basis van eindige
elementen) van het impactgedrag van dit nieuwe hybride composietmateriaal. Hierbij wordt
een ge¨ıntegreerde onderzoeksstrategie gehuldigd, waarbij experimenteel werk steeds hand in
hand gaat met numerieke simulaties.
Aanvankelijk worden de verschillende componenten van het hybride composiet afzonderlijk
bestudeerd. Na een grondige experimentele karakterisering van glasvezelverstevigd polypro-
pyleen, wordt een schademodel voor dit matrixmateriaal voorgesteld. Vervolgens wordt het
dynamisch gedrag van staalkoorden onder hoge vervormingssnelheden onderzocht, waarna de
interface tussen de staalkoord en de composietmatrix bestudeerd wordt. Al deze experimente-
le waarnemingen en numerieke algoritmes worden aan het einde van het werk gesublimeerd tot
een micromechanisch model, dat het impactgedrag van hybride composieten kan beschrijven.
De structuur van voorliggende dissertatie wordt hieronder kort toegelicht.
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Hoofdstuk 3 handelt over de experimentele karakterisering van glasvezelverstevigd polypro-
pyleen (GMT). De resultaten van quasistatische trek-, druk-, afschuif- en buigproeven worden
vergeleken met micromechanische berekeningen en literatuurdata, om de elastische constanten
annex sterktewaarden te begroten. Bovendien is een kort overzicht ingesloten over het gedrag
van vezelversterkte composieten bij hoge vervormingssnelheden. Om het dynamisch gedrag
van GMT in kaart te brengen, zijn talrijke transversale impactexperimenten uitgevoerd. Een
energiebalans wordt opgesteld, en een aantal heersende tendensen blootgelegd. Het ontstaan
en de groei van impactschade wordt minitieus beschreven. Aan het einde van dit hoofdstuk
wordt aangetoond dat elastische eindige elementen berekeningen niet in staat zijn de expe-
rimentele respons correct te voorspellen indien schade optreedt. Numerieke modellering van
impactschade is derhalve noodzakelijk.
De nood aan schademodellering wordt gelenigd in Hoofdstuk 4. Na een korte inleiding tot
de schademechanica, wordt aangetoond dat de materiaalmodellen die thans ge¨ımplementeerd
zijn in eindige elementen software, ontoereikend zijn om impactschade in vezelversterkte ther-
moplasten te voorspellen. Vervolgens wordt een schademodel voor GMT voorgesteld, waarbij
de impactschade gedreven wordt door een oordeelkundig gekozen schadecriterium, dat de
ernst van de ware spanningstoestand reflecteert. De verschillende vergelijkingen, afgeleid
uit de schademechanica, koppelen de invloed van schade aan een reductie van de elastische
materiaalconstanten. Schadegroei geschiedt in twee fasen: stabiele initiatie en onstabiele pro-
pagatie. De dynamische constitutieve vergelijking houdt rekening met de cumulatieve effecten
van vervormingssnelheid, schadegroei, permanente vervorming en viscoelasticiteit. De model-
parameters worden gekalibreerd door numerieke simulaties te vergelijken met experimentele
resultaten. Deze kalibratie is een iteratief proces, dat leidt tot een adequaat materiaalmodel
om het impactgedrag van vezelversterkte thermoplasten te voorspellen. Talrijke transver-
sale impactexperimenten, met een breed spectrum aan initie¨le impactorsnelheden, kunnen
heel nauwkeurig gesimuleerd worden met een unieke set modelconstanten. Deze numerieke
validering demonstreert de veelzijdigheid van het voorgestelde materiaalmodel.
Het quasistatisch en dynamisch gedrag van twee types staalkoord is bestudeerd in Hoofdstuk 5.
HI-koord heeft een hoge breukrek, doch een relatief lage stijfheid en sterkte. Tijdens statische
proeven falen de filamentjes afzonderlijk, waardoor dit type koord zich laat modelleren als
een parallelschakeling van veren. CC-koord gedraagt zich lineair elastisch, met brosse breuk
als faalmode: alle filamentjes breken nagenoeg simultaan. Vermits dit type koord een hoge
sterkte en stijfheid combineert, biedt zij een veelbelovend potentieel voor toepassingen waar
impactweerstand belangrijk is. Daarom wordt het dynamisch gedrag van deze CC koord
onderzocht door middel van valtesten en Hopkinson experimenten. Hoewel dynamische testen
op koordjes met een heel kleine diameter allerminst vanzelfsprekend zijn, en de voorbereiding
der proefstukken uiterste zorg vergt, wordt de technische haalbaarheid van zulke buitengewone
experimenten bewezen. Ook hier worden waarnemingen telkens ondersteund door simulaties.
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De interface tussen de staalkoorden en hun omringende composietmatrix heeft een domi-
nante invloed op het resulterende mechanisch gedrag van het hybride composietmateriaal.
Hoofdstuk 6 bundelt de resultaten van pull-out proeven, waarbij een staalkoordje uit de
matrix getrokken wordt om de eigenschappen van het grensvlak -en de corresponderende
energieabsorptie- te bestuderen. De invloed van het type koord, de vervormingssnelheid, de
inbedlengte en de aangebrachte deklaag wordt onderzocht. Een drietal theoretische modellen
worden beschreven om de experimentele data te interpreteren: de zgn. ’shear lag’ theorie,
breukmechanische criteria en het principe van een cohesief hechtvlak, ontleend aan de theorie
van het gewapend beton. Eigenschappen van het grensvlak worden afgeleid en vergeleken
voor de verschillende materiaalcombinaties. Tot slot wordt een eindig elementen model ont-
wikkeld, gee¨nt op het verschil in thermische uitzetting van GMT en staalkoord, waarmee het
uittrekken van een staalkoord uit een composietmatrix kan gesimuleerd worden.
Het zevende hoofdstuk wil een breed en diepgaand overzicht bieden over de modellering van
hybride composieten. Vooreerst wordt het werk van Hendrikx (UTwente) kort toegelicht. Hij
ontwikkelde een numeriek algoritme, gestoeld op micromechanica en klassieke laminaattheo-
rie, om de sterkte en stijfheid van met staalkoord verstevigde thermoplasten te voorspellen.
Er wordt aangetoond dat de mechanische eigenschappen van hybride composieten heel nauw-
keurig kunnen berekend worden op basis van deze eenvoudige theoriee¨n, zonder nood aan
een uitgebreide materiaalbeproeving. Vervolgens komt de experimentele karakterisering en
numerieke modellering van hybride composieten, uitgevoerd in samenwerking met het Institut
fu¨r Verbundwerkstoffe (Kaiserslautern) aan bod. Tot slot wordt een analytische formulering
voorgesteld om het gedrag van hybride composietbalkjes in buiging beter te begrijpen. De
resultaten van buigproeven, waarbij de positie van de staalkoord wordt gevarieerd, worden
bovendien gekoppeld aan de pull-out data van Hoofdstuk 6.
In hoofdstuk 8 wordt een representatieve component ontworpen met het oog op structurele
validering. In de eerste ontwerpsfase worden grootschalige GMT balken met een eenvoudig U-
vormig profiel beproefd in driepuntsbuiging. Vervolgens wordt de dwarsdoorsnede geoptima-
liseerd via een parametrische eindige elementen studie. Een topologische optimalisatieroutine
wordt aangewend om de meest voordelige distributie van staalkoorden te berekenen, en deze
staalkoorden worden dan numeriek ge¨ımplementeerd. Talrijke valtesten en pendulumexperi-
menten op de geoptimaliseerde component worden gerapporteerd. Er wordt aangetoond dat
een pendulumtest met valgewicht veel meer vergt van een proefstuk dan wanneer hetzelfde
experiment op een horizontale opstelling zou uitgevoerd worden. Aan het eind van dit hoofd-
stuk wordt een accurate voorspelling van het impactgedrag van deze grootschalige component
tijdens een ge¨ınstrumenteerde valproef gepresenteerd, als kroon op het werk van de voorbije
drie jaar!
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De meest in het oog springende verdiensten en conclusies van het doctoraatsonderzoek zijn
samengevat in het laatste hoofdstuk. Tijdens de loop van het onderzoek werden heel wat
interessante vragen en opmerkingen geformuleerd rond de nieuwe materiaaltechnologie, die
voorwerp is van deze studie. Het leeuwendeel van deze nieuwe ideee¨n en suggesties werd
reeds behartigd, en de eerste resultaten vormen een vruchtbare voedingsbodem voor heel wat
nieuwe onderzoeksdaden en uitdagingen...
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Chapter 1
Executive Summary
Suppliers to the automotive industry face a great challenge knowing that the demand for
traditional fibre reinforced thermoplastic parts is declining due to an increased focus on
crashworthiness. Typical impact applications (e.g. bumper beams in glass-fibre reinforced
polypropylene) are under threat because of increasingly stringent requirements, such as the
demand for higher stiffness and structural integrity after impact.
Recently, a new hybrid composite material is developed, combining a traditional fibre rein-
forced (thermoplastic) matrix with high strength steel cords. With this new material technol-
ogy, lightweight structural plastic parts with improved energy absorption and adequate fail
behaviour will become realistic.
In modern car development, virtual design (and especially crash simulation) becomes increas-
ingly important, because these tools lower the production cost and shorten the development
time. However, the properties (especially impact behaviour, energy absorption and fail mech-
anisms) of the proposed hybrid composite material are still unknown.
The aim of the proposed research is to develop a numerical material model to predict the
impact behaviour of this new hybrid composite. In this work, an integrated numerical and
experimental research approach is presented to study the impact behaviour of these newly
developed steel fibre reinforced composite materials.
First, the different constituent components are studied seperately. After a profound experi-
mental characterization of glass fibre reinforced thermoplastics, an impact damage model for
this matrix material is proposed. Then, the dynamic behaviour of the steel cord reinforce-
ment at high strain rates is investigated, and the interface between the steel cords and their
composite matrix is studied. At the end of this book, all these different experimental obser-
vations and numerical tools are combined into a micromechanical model for hybrid composite
materials. The structure of this dissertation at hand is briefly outlined below.
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In Chapter 3, the experimental characterization of Glass Mat Thermoplastic (GMT), which
is a polypropylene matrix with randomly oriented glass fibres, is discussed. The results of
quasi-static tensile, bending, compression and shear tests are compared with micromechanical
calculations and literature data to obtain the elastic constants and the strength values. A
short review on strain rate sensitivity of fibre reinforced composites is presented as well.
Transverse impact experiments are performed to study the dynamic behaviour of the material.
An impact energy balance is drawn, and some general trends are reported. The observed onset
and growth of damage is discussed in detail. At the end, finite element calculations show that
elastic impact simulations cannot predict the experimental response when damage occurs.
This proves the need for impact damage modelling of composite materials.
This impact damage modelling is addressed in Chapter 4. After a brief introduction on
continuum damage mechanics, it is proven that the material models, currently available in
commercial finite element software, cannot predict the impact behaviour of fibre reinforced
thermoplastics. Then a damage model for GMT is presented, where the impact damage is
driven by a properly chosen fracture criterion, reflecting the multi-axial stress state under
dynamic loading. The governing equations, derived from continuum damage theory, relate
the effect of damage to a reduction of the elastic constants. The development of damage takes
place in two stages: stable nucleation and unstable propagation. The dynamic constitutive
equation accounts for the cumulative effects of strain rate, permanent deformation, damage
growth and viscoelasticity. The model parameters are calibrated by comparing impact sim-
ulations with experimental results. This calibration is an iterative process, that leads to an
adequate material model to predict the impact behaviour of fibre reinforced thermoplastics.
A large number of transverse impact experiments, with a broad range of striking velocities,
is closely simulated using a single set of model constants. This numerical validation clearly
demonstrates the robustness and versatility of the proposed material model.
The quasi-static and dynamic behaviour of two types of steel cord is studied in Chapter 5.
High impact cord has a high elongation at break, but only moderate stiffness and strength.
As individual filament failure is observed under static loading, this cord can be modelled as
strings in parallel, and a simple Weibull damage model is proposed. Compact cord exhibits
linear elastic behaviour, with brittle fracture: all the filaments fail as one. Combining high
stiffness and strength, this cord offers a promising potential for its use in applications where
crashworthiness is of major concern. Therefore, the dynamic behaviour of compact cord is ex-
amined by performing drop weight tests and Hopkinson experiments. Although the dynamic
characterization of small diameter steel cords is a very time consuming (and sometimes te-
dious) task, where the specimen preparation is of utmost importance, the technical feasibility
of such extraordinary experiments is proven. The experimental observations are supported
by numerical simulations.
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The interface between the steel cord reinforcements and their adjacant composite matrix has
a dominant influence on the resulting mechanical properties of the hybrid composite mate-
rial. In Chapter 6, pull-out tests are reported to study the interfacial behaviour and the
corresponding energy absorption. The influence of the steel cord type, the strain rate, the
embedded length and the applied coating is investigated. Three types of interface models
are presented to interpret the experimental data: the shear lag theory, energy based debond-
ing criteria; and the concept of a cohesive contact surface, inspired by a reinforced concrete
approach. Interfacial properties are derived and compared for the different material combi-
nations. At the end, a finite element model, based on thermal mismatch between matrix and
fibre, is developed to simulate pull-out of steel cords from a composite matrix.
The seventh chapter aims at presenting the state-of-the-art on modelling for steel fibre rein-
forced composites. First, the work of Hendrikx at the University of Twente is briefly reviewed.
He developed a numerical tool, based on micromechanical mixture rules and classical lami-
nate theory, to predict the material properties of steel fibre reinforced thermoplastics. It is
shown that the mechanical properties of hybrid composite laminates can be accurately pre-
dicted by applying basic composite theories, without requiring a large material analysis. The
experimental characterization and numerical modelling of hybrid composites, conducted in
cooperation with the Institut fu¨r Verbundwerkstoffe (Kaiserslautern) is presented as well. At
the end of this chapter, an analytical formulation for hybrid composite beams in bending is
provided, and compared with test data from quasi-static and dynamic three point bending
experiments. Finally, the bending test results are related with the pull-out data of Chapter 6.
In Chapter 8, a demonstrator impact beam is designed and tested for the purpose of structural
validation. In the first design stage, full-scale GMT beams with a simple HAT-shaped profile
are evaluated in static three point bending experiments. The cross section of the GMT beam
is then optimized by performing a parametric finite element study, with a static three point
bending test as a benchmark. A topology optimization is performed to calculate the most
favourable steel cord distribution, and the steel cord reinforcement is introduced as a rebar
layer. Various drop weight tests and pendulum experiments on the optimized demonstrator
impact beam are reported. It is shown that a drop weight pendulum test is much more severe
than the same experiment, performed on a horizontal setup. At the end, an accurate descrip-
tion of the impact behaviour of the full-scale structural component during an instrumented
drop weight test is presented as the pinnacle of this doctoral research!
The most important achievements of this PhD research are summarized in the last chapter.
During the meandering course of the doctoral research, a lot of interesting queries on the
innovative material technology of hybrid composites have been raised. The majority of these
new ideas and suggestions has already been explored, and the preliminary research results
give rise to quite some challenging opportunities.
3
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Chapter 2
Introduction to Hybrid Composites
Recently, a new hybrid composite material is developed, combining a traditional fibre rein-
forced thermoplastic matrix with high strength steel cords. With this new material technol-
ogy, lightweight structural plastic parts with improved energy absorption and adequate fail
behaviour will become realistic. The concept of these hybrid composites is presented in this
chapter. The aim of the PhD research is to develop a numerical material model for the hy-
brid composite, that can be used in crash simulation software. An integrated numerical and
experimental approach is presented to study the impact behaviour of these newly developed
steel cord reinforced thermoplastics. The proposed research is funded by a PhD grant of the
Institute for the Promotion of Innovation through Science and Technology in Flanders.
Figure 2.1: Introduction to Hybrid Composites
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2.1 Aim and Motivation of the Research
Suppliers to the automotive industry face a great challenge knowing that the demand for
traditional fibre reinforced thermoplastic parts is declining due to an increased focus on
crashworthiness. Typical impact applications (e.g. bumper beams in glass-fibre reinforced
polypropylene) are under threat because of increasingly stringent requirements, such as the
demand for higher stiffness and structural integrity after impact.
Fibre reinforced plastics allow great freedom of design and functional integration, are light-
weight and recyclable, but have limited stiffness and energy absorption. Another disadvantage
is the lack of structural integrity after failure. Several crash requirements hold in the auto-
motive industry [1], and the demands set by the insurance companies are the most stringent.
Increased stiffness, energy absorption and part integrity after collision are absolute prerequi-
sites that threaten the currently available fibre reinforced solutions.
Recently, a new hybrid composite material is developed, combining a traditional fibre re-
inforced (thermoplastic) matrix with high strength steel cord and steel wire [2]. With this
new material technology, lightweight structural plastic parts with improved energy absorption
and adequate fail behaviour will become realistic [2]. The concept of this hybrid composite
is presented in Fig. 2.2.
Figure 2.2: Steel cord reinforced thermoplastics as a hybrid composite material
In modern car development, virtual design (and especially crash simulation) becomes increas-
ingly important, because these tools lower the production cost and shorten the development
time. However, the properties (especially impact behaviour, energy absorption and fail mech-
anisms) of the proposed hybrid composite material are still unknown.
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The behaviour of glass fibre reinforced plastics at high strain rates is not yet fully described,
let alone the complex interaction with the steel cord reinforcement under dynamic loading.
Hence, this promising hybrid composite material cannot yet be adequately described to per-
form simulations.
The development of material models, both for simple design purposes and finite element
simulations, is therefore of major importance and complexity. The aim of this research is
to develop a numerical material model for the hybrid composite, that can be used in crash
simulation software. The combined numerical and experimental research approach is outlined
in § 2.5. First, a few important topics are briefly highlighted.
2.2 Impact on Composites
Composite materials [3–5] generally consist of two components: the matrix (either a thermoset
or thermoplastic polymer) and the reinforcement (typically short or continuous fibres of glass,
carbon or aramide). The fibre reinforcement can be applied in engineered orientations, or
randomly oriented. The material combination, studied in this research, has a composite
matrix, made of polyproplyene with randomly oriented short glass fibres. By introducing
high strength steel cords as additional reinforcement, the hybrid composite material of Fig.
2.2 is developed.
Composite materials are widely used in aviation, transport, construction, sport equipment,...
because they combine high specific strength with a relatively high stiffness. In automotive
applications, composites are often used in energy absorbing structures like crash cones or
bumper beams (Fig. 2.3), thanks to their high energy absorption under impact loading.
Figure 2.3: BMW M3 advanced composite bumper beams
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Nowadays, the use of composite materials in impact applications is still limited due to a lack
of in-depth knowledge on the dynamic behaviour of these materials [6]. The last decade, a lot
of important scientific contributions on this topic have been published. An excellent review
can be found in the work of Abrate [7–10]. A comprehensive introduction to strain rate effects
in composites is provided by Sierakowski [11, 12].
Impact involves very high mechanical loads and strain rates during a very short period of
time. In this work, low velocity impact (v < 50 m/s) is studied, and no phase transitions or
important thermal effects are considered. Thus, the impact phenomenon is mainly governed
by stress wave propagation and the dynamic properties of the composite.
When studying composite materials under dynamic loading, their anisotropic properties have
to be taken into account. Moreover, impact damage in fibre reinforced plastics is quite
different from the sudden fracture of metals: innumerable minute cracks gradually develop
in the matrix, in the interface between the matrix and the fibre, and in the fibres. These
cracks grow, both in size and in number, and finally lead to the complete disintegration of
the material. It is clear that impact on composites is a highly complex phenomenon, affected
by a lot of parameters:
• initial impact velocity
• boundary conditions
• structural response
• stiffness, mass and geometry of the impactor
• anisotropic nature of the composite material
• dynamic properties and constitutive law
This dissertation wants to contribute to the impact damage mechanics of the even more
complex situation of hybrid composite materials under dynamic loading. For this purpose,
experimental research (transverse impact experiments and high strain rate testing) is com-
bined with finite element modelling.
2.3 Numerical Material Modelling and Finite Elements
The aim of this research is to develop a numerical material model for steel cord reinforced
thermoplastics, that can be used in crash simulation software. The finite element method
(FEM) is a numerical technique for solving problems which are described by partial differential
equations.
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Figure 2.4: Full-scale crash simulation in Abaqus Explicit [13]
By dividing a domain of interest into an assembly of finite elements, a continuous physical
problem can be transformed into a discretized finite element approximation with unknown
nodal values. Fig. 2.4 presents the results of a frontal offset impact simulation of a BMW7
Series vehicle [13]. A complete description of the finite element model can be found in [14].
The application of finite elements in engineering science and practice is clearly demonstrated
in [15]. Here, a very short overview of the numerical algorithm is presented, where the
constitutive material modelling is highlighted.
The governing FE equations are formulated in terms of the unknown displacements
u =

u
v
w
 (2.1)
to calculate the strains
 =
{
11 22 33 γ12 γ23 γ31
}T
(2.2)
and the corresponding stresses (with the convention of Fig. 2.5)
σ =
{
σ11 σ22 σ33 τ12 τ23 τ31
}T
(2.3)
The exact solution is the displacement field that provides a minimum to the potential energy,
represented by the functional
Π =
1
2
∫
V
σij ij dV −
∫
V
fi ui dV −
∫
S
φi ui dS (2.4)
which is equivalent to the variational formulation∫
V
ρ u¨i δui dV +
∫
V
σij δij dV −
∫
V
fi δui dV −
∫
S
σij nj δui dS = 0 (2.5)
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Figure 2.5: Stress tensor components and principal material directions
with ρ the density, fi the body forces and φi the surface forces. Discretizing the displacement
field by well chosen shape functions, the problem is transformed into a set of equations [14]
[M ] {U¨}+ [D] {U˙}+K {U} = {F} (2.6)
in the unknown nodal displacements {U}, where {F} is the force vector, [M ] the mass matrix
and [K] the stiffness matrix. Viscous damping is represented by the matrix [D]. After solving
(2.6) and assembling the nodal displacements to the total displacement field (2.1), the strains
can be calculated by
{} = [B] {u} (2.7)
where [B] is the matrix differentiation operator. The stress components are derived from the
strains by the constitutive law
σij = Φijkl (kl) (2.8)
For linear elastic problems, this constitutive relation is expressed by the well-known law of
Hooke:
{σ} = [C] {} (2.9)
with [C] the stiffness matrix. For an orthotropic material (like steel cord reinforced thermo-
plastics), this stiffness matrix is given by [5]
[C] =
1
∆

E1 (1− ν23 ν32) E1 (ν21 + ν31 ν23) E1 (ν31 + ν21 ν32) 0 0 0
E1 (ν21 + ν31 ν23) E2 (1− ν13 ν31) E2 (ν32 + ν12 ν31) 0 0 0
E1 (ν31 + ν21 ν32) E2 (ν32 + ν12 ν31) E3 (1− ν12 ν21) 0 0 0
0 0 0 ∆G12 0 0
0 0 0 0 ∆G23 0
0 0 0 0 0 ∆G31

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where
∆ = 1− ν12 ν21 − ν23 ν32 − 2 ν21 ν32 ν13 (2.10)
with Ei the Young’s stiffness, νij the Poisson contraction coefficient and Gij the shear mod-
ulus, associated with the material’s principal directions (Fig. 2.5).
Polypropylene, reinforced with randomly oriented glass fibres, is a transverse isotropic mate-
rial, where
E1 = E2 = Ep ; ν31 = ν32 = νtp ; G13 = G23 = Gt (2.11)
where p and t stand for ’in-plane’ and ’transverse’ respectively, and the in-plane shear modulus
is connected to the stiffness through
Gp =
Ep
2 (1 + νp)
(2.12)
Hence, the stiffness matrix reduces to
[C] =
1
∆

Ep (1− νpt νtp) Ep (νp + νpt νtp) Ep (νtp + νp νtp) 0 0 0
Ep (νp + νpt νtp) Ep (1− νpt νtp) Ep (νtp + νp νtp) 0 0 0
Ep (νtp + νp νtp) Ep (νtp + νp νtp) Et
(
1− ν2p
)
0 0 0
0 0 0 ∆Gp 0 0
0 0 0 0 ∆Gt 0
0 0 0 0 0 ∆Gt

with
∆ = (1 + νp) (1− 2 νtp νpt − νp) (2.13)
For a linear elastic isotropic material (like steel or aluminium), the generalized law of Hooke
σij =
E
1 + ν
[
ij + δij
ν
1− 2 ν tr ()
]
(2.14)
is found, with
tr () = ii = 11 + 22 + 33 (2.15)
In this work, numerical material modelling amounts to engineering the stress-strain relations
(2.8). Based on numerous experimental observations, a constitutive law
σ˙ = σ˙
(
, ˙, d, d˙
)
(2.16)
is proposed, relating the derivatives of stresses, strains and damage. The different model
constants, introduced in these equations, are calibrated by comparing the simulated physical
response with quantitative measurements.
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2.4 Valorization Potential
The aim of this research is to develop a numerical material model for a new hybrid composite,
combining high strength steel cords with fibre reinforced plastics. An immediate validation
in the automotive industry is recognized [2] in the crash simulation of impact absorbing car
body parts like bumper beams and door panels.
Moreover, this innovative material combination provides a promising potential for other target
markets [16] as well, like
• transport industry
• building infrastructure
• road safety applications
• lighting poles, crash barriers
• retrofitting of concrete constructions
• conveyor belts
• bulletproof vests
• and many more ...
Thus, it is clear that a dynamic material model, describing the impact behaviour of steel
cord reinforced thermoplastics, is a unique and very valuable tool to simulate and design a
whole range of possible applications. The need for numerical simulation tools and utilities,
and the obvious industrial relevance, has been a continuous stimulation and motivation for
the presented doctoral research!
2.5 Scope of the Work
The aim of the proposed research is to develop a numerical material model for a new hybrid
composite, where a traditional fibre reinforced thermoplastic is combined with high strength
steel cords. In this work, an integrated numerical and experimental research approach is pre-
sented to study the impact behaviour of these newly developed steel fibre reinforced composite
materials.
First, the different constituent components, distinguished on Fig. 2.2, are studied seperately.
After a profound experimental characterization of glass fibre reinforced thermoplastics, an
impact damage model for this matrix material is proposed. Then, the dynamic behaviour of
the steel cord reinforcement at high strain rates is investigated, and the interface between the
12
Chapter 2. Introduction to Hybrid Composites
steel cords and their composite matrix is studied. At the end of this book, all these different
experimental observations and numerical tools are combined into a micromechanical model
for hybrid composite materials.
This book has been structured into different chapters, each describing the methodology ap-
plied to meet the proposed objectives:
• In Chapter 3, the experimental characterization of Glass Mat Thermoplastic (GMT),
which is a polypropylene matrix with randomly oriented glass fibres, is discussed. The
results of quasi-static tensile, bending, compression and shear tests are compared with
micromechanical calculations and literature data to obtain the elastic constants and the
strength values. A short review on strain rate sensitivity of fibre reinforced composites
is presented as well. Transverse impact experiments are performed to study the dynamic
behaviour of the material. An impact energy balance is drawn, and some general trends
are reported. The observed onset and growth of damage is discussed in detail. At the
end, finite element calculations show that elastic impact simulations cannot predict the
experimental response when damage occurs. This proves the need for impact damage
modelling of composite materials.
• This impact damage modelling is addressed in Chapter 4. After a brief introduction on
continuum damage mechanics, it is proven that the material models, currently available
in commercial finite element software, cannot predict the impact behaviour of fibre rein-
forced thermoplastics. Then, a damage model for GMT is presented, where the impact
damage is driven by a properly chosen fracture criterion, reflecting the multi-axial stress
state under dynamic loading. The governing equations, derived from continuum damage
theory, relate the effect of damage to a reduction of the elastic constants. The develop-
ment of damage takes place in two stages: stable nucleation and unstable propagation.
The dynamic constitutive equation accounts for the cumulative effects of strain rate,
permanent deformation, damage growth and viscoelasticity. The model parameters are
calibrated by comparing impact simulations with experimental results. This calibration
is an iterative process, that leads to an adequate material model to predict the impact
behaviour of fibre reinforced thermoplastics. A large number of transverse impact ex-
periments, with a broad range of striking velocities, is closely simulated using a single
set of model constants. This numerical validation clearly demonstrates the robustness
and versatility of the proposed material model.
• The quasi-static and dynamic behaviour of two types of steel cord is studied in Chapter
5. High impact cord has a high elongation at break, but only moderate stiffness and
strength. As individual filament failure is observed under static loading, this cord can be
modelled as strings in parallel, and a simple Weibull damage model is proposed. Com-
pact cord exhibits linear elastic behaviour, with brittle fracture: all the filaments fail as
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one. Combining high stiffness and strength, this cord offers a promising potential for its
use in applications where crashworthiness is of major concern. Therefore, the dynamic
behaviour of compact cord is examined by performing drop weight tests and Hopkinson
experiments. Although the dynamic characterization of small diameter steel cords is
a very time consuming (and sometimes tedious) task, where the specimen preparation
is of utmost importance, the technical feasibility of such extraordinary experiments is
proven. The experimental observations are supported by numerical simulations.
• The interface between the steel cord reinforcements and their adjacant composite matrix
has a dominant influence on the resulting mechanical properties of the hybrid composite
material. In Chapter 6, pull-out tests are reported to study the interfacial behaviour and
the corresponding energy absorption. The influence of the steel cord type, the strain
rate, the embedded length and the applied coating is investigated. Three types of
interface models are presented to interpret the experimental data: the shear lag theory,
energy based debonding criteria; and the concept of a cohesive contact surface, inspired
by a reinforced concrete approach. Interfacial properties are derived and compared
for the different material combinations. At the end, a finite element model, based on
thermal mismatch between matrix and fibre, is developed to simulate pull-out of steel
cords from a composite matrix.
• The seventh chapter aims at presenting the state-of-the-art on modelling for steel fibre
reinforced composites. First, the work of Hendrikx at the University of Twente is briefly
reviewed. He developed a numerical tool, based on micromechanical mixture rules and
classical laminate theory, to predict the material properties of steel fibre reinforced ther-
moplastics. It is shown that the mechanical properties of hybrid composite laminates
can be accurately predicted by applying basic composite theories, without requiring a
large material analysis. The experimental characterization and numerical modelling of
hybrid composites, conducted in cooperation with the Institut fu¨r Verbundwerkstoffe
(Kaiserslautern) is presented as well. At the end of this chapter, an analytical formula-
tion for hybrid composite beams in bending is provided, and compared with test data
from quasi-static and dynamic three point bending experiments. Finally, the bending
test results are related with the pull-out data of Chapter 6.
• In Chapter 8, a demonstrator impact beam is designed and tested for the purpose of
structural validation. In the first design stage, full-scale GMT beams with a simple
HAT-shaped profile are evaluated in static three point bending experiments. The cross
section of the GMT beam is then optimized by performing a parametric finite element
study, with a static three point bending test as a benchmark. A topology optimization
is performed to calculate the most favourable steel cord distribution, and the steel cord
reinforcement is introduced as a rebar layer. Various drop weight tests and pendulum
experiments on the optimized demonstrator impact beam are reported. It is shown that
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a drop weight pendulum test is much more severe than the same experiment, performed
on a horizontal setup. At the end, an accurate description of the impact behaviour of
the full-scale structural component during an instrumented drop weight test is presented
as the pinnacle of this doctoral research!
• The most important achievements of this PhD research are summarized in the last
chapter. During the meandering course of the doctoral research, a lot of interesting
queries on the innovative material technology of hybrid composites have been raised.
The majority of these new ideas and suggestions has already been explored, and the
preliminary research results give rise to quite some challenging opportunities. These
incentives for further research are also briefly outlined in Chapter 9.
2.6 Notations and Conventions
The coordinate system, and the convention for the corresponding stress components, are
shown on Fig. 2.5. With this notation, the elastic constants are written as
• Young’s modulus E1, E2 and E3
• Shear stiffness G12, G13 and G23
• Poisson contraction ν12, ν13 and ν23
The convention and notation for the strength values are shown in Fig. 2.6, with
• Tensile strength XT , YT and ZT
• Compressive strength XC , YC and ZC
• Shear strength R, S and T
Figure 2.6: Convention and notation for the strength values
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In this work, the 3-direction is always through-the-thickness. Hence, for transverse isotropic
glass mat, the (1,2)-plane is the plane of isotropy. For steel cord reinforced composites, the
1-direction is chosen along the steel cord reinforcement, and a (x, y, z) reference system is
preferred.
In order to maximize the transparancy, this dissertation at hand (especially the used symbols,
abbreviations and formulaes) is written in a self-explanatory fashion. A list of abbreviations
and acronyms is presented in Table 2.1. In Table 2.2, the most frequently used symbols are
summarized.
PP Polypropylene
TWR Twintex Roving
CC Compact Cord
HI High Impact
FE Finite Elements
FEM Finite Element Method
FEA Finite Element Analysis
FFT Fast Fourier Transform
TPE Thermoplastic Elastomer
GMT Glass Mat Thermoplastic
CLT Classical Laminate Theory
SHTB Split Hopkinson Tensile Bar
IVW Institut fu¨r Verbundwerkstoffe
CDM Continuum Damage Mechanics
SRTP Steel Reinforced Thermoplastics
SAE Society for Automotive Engineers
OEM Original Equipment Manufacturer
LVDT Linear Voltage Differential Transformer
ASTM American Society for Testing and Materials
ISO International Organisation for Standardization
ZARM Zentrum fu¨r Angewandte Raumfahrttechnologie und Mikrogravitation
TNO Nederlandse Organisatie voor Toegepast Natuurwetenschappelijk Onderzoek
Table 2.1: Abbreviations and acronyms
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γ linear density
ρ density
u, δ displacement
v velocity
a, g acceleration
F , P force or load
E energy
J creep function
˙ strain rate
t time
T period
f frequency
I light intensity
L length or span
b, w width
H, h height
t thickness
A cross section
V volume
D steel cord diameter
Df fibre diameter
R, r radius
d damage
d˙ damage growth
µ friction coefficient
p pressure
α coefficient of thermal expansion
β Weibull variation
υ volume fraction
G energy release rate
Γ fracture energy
Z acousic impedance
κ cohesive modulus
U specific elastic energy
W specific free energy
Q dissipated energy
Table 2.2: Frequently used symbols
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Chapter 3
Experimental Characterization of
Glass Mat Thermoplastic
In this chapter, the experimental characterization of GMT, a polypropylene matrix with
randomly oriented glass fibres, is presented. Quasi-static test results are compared with mi-
cromechanical calculations and literature data to obtain the elastic constants and the strength
values. Transverse impact experiments are performed to study the dynamic behaviour of the
material. An impact energy balance is drawn, and some general trends are reported. The
observed onset and growth of damage is discussed in detail. At the end, finite element calcu-
lations show that elastic impact simulations cannot predict the experimental response when
damage occurs. This proves the need for impact damage modelling of composite materials.
The experimental work of Michael Gan and Willem Souren [1] at TNO Centre of Lightweight
Structures (Delft) has proven to be very valuable input.
Figure 3.1: Experimental Characterization of Glass Mat Thermoplastic
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3.1 Elastic Properties and Strength
Glass Mat Thermoplastic (GMT) consists of a polypropylene (PP) matrix, reinforced with
randomly oriented, short (5-10 mm) glass fibres. Thus, it exhibits (quasi-)isotropic in-plane
properties. Traditional GMT composites have been used for more than 50 years in the au-
tomotive industry [2, 3] for (semi)structural applications to replace steel and aluminium.
Applications for GMT composites continue to grow because this class of material provides
excellent specific stiffness, strength and impact performance at relatively low cost. Tradi-
tional GMT composites, with their polypropylene matrix, are even lighter than thermoset
composites, and can be processed into complex components on a single, low-cost tool. Just
prior to moulding, the blanks are passed through an infrared or convection oven and heated
above the melting point of the polypropylene matrix. The preheated blanks are then moved
to a nearby press, and positioned inside the open tool. Once the blanks are positioned, the
press quickly closes, and the semi-finished sheets can be flow moulded to a wide variety of
components.
In this section, static testing is reported to measure the elastic properties of GMT40, which
has 40% glass fibres by weight. Plates of 400 x 400 mm of material type Quadrant GM40PP [4]
were compression moulded and supplied by Polynorm. Measuring the strength values for fibre
reinforced composites is not straightforward. Here, experimental results are compared with
micromechanical calculations and literature data.
3.1.1 Density and Fibre Volume Fraction
Glass Mat Thermoplastic has randomly oriented reinforcement. The in-plane behaviour can
therefore be described as quasi-isotropic. The out-of-plane properties are different, as there
are no fibres in this direction. The GMT grade used consists of 40% glass by weight, i.e. 19%
by volume. For each plate, the density is measured. The results are presented in Table 3.1.
density 1175 kg/m3
deviation 17 kg/m3
variation 1.5 %
fibre volume 19 %
fibre weight 40 %
Table 3.1: Density and fibre content
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3.1.2 Tensile tests
Static tensile tests are performed according to the IS0 527-4 standards [5], to obtain values
for the stiffness E1 = E2 and the tensile strength XT = YT . These tests are performed on
an Instron 1342 hydraulic testing machine, using an (Instron 2620-603) extensometer (gauge
length of 25 mm) to measure the longitudinal strain. The extensometer is removed prior to
failure, so no values for the failure strain T can be determined. Aluminium tabs are applied
to prevent the samples from breaking in the clamps. The dimensions of the straight samples
(type 2 of the test standard) and the observed tensile failure is shown in Fig. 3.2.
Figure 3.2: Sample dimensions and failure modes
Fig. 3.3 shows the stress-strain curves of the static tensile tests (2 mm/min). The material
behaviour is not purely linear elastic up to failure. The tensile failure of GMT40 is rather
brittle: the samples break without any visible necking of the material. Tensile stiffness and
strength are listed in Table 3.2. Little or no variation in material properties is observed in
both static stiffness and strength.
thickness width span E XT
[mm] [mm] [mm] [MPa] [MPa]
GMT40 C01 3.6 28.6 127 6262.6 72.2
GMT40 C02 3.7 27.8 125 6664.2 78.1
GMT40 C03 3.8 27.6 124 6657.3 74.0
Mean 6528 74.7
Deviation 230 3.0
Variation 3.5 4
Table 3.2: Static tensile stiffness and strength
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Figure 3.3: Static tensile tests
Quasi-static tensile tests are performed to investigate the influence of the test speed on the
tensile strength XT . The results are presented in Table 3.3.
thickness width span speed XT
[mm] [mm] [mm] [mm/min] [MPa]
GMT40 C01 3.6 28.6 127 2 72.2
GMT40 C02 3.7 27.8 125 2 78.1
GMT40 C03 3.8 27.6 124 2 74.0
GMT40 C04 3.7 28.7 124 600 91.8
GMT40 C05 3.7 27.3 128 600 103
GMT40 C06 3.7 27.1 127 6000 87.4
GMT40 C07 3.7 28.1 127 6000 107
GMT40 C08 3.7 27.1 128 3000 107
GMT40 C09 3.8 27.8 125 3600 92.9
GMT40 C10 3.7 27.8 127 4200 106
GMT40 C11 3.6 27.9 128 4800 116
GMT40 C12 3.6 27.3 126 5300 102
GMT40 C13 3.7 28.1 126 6000 89.0
GMT40 C14 3.6 29.0 128 6000 90.6
Table 3.3: Quasi-static tensile strength
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Fig. 3.4 shows that the tensile strength tends to increase with the test speed at moderate
rates of deformation. Strain rate sensitivity of GMT40 is discussed in detail in section 3.1.6.
Figure 3.4: Influence of strain rate on tensile strength
Quasi-static tests are performed by TNO on a Zwick 250 kN testing machine in the Struc-
tures and Materials Laboratory of the Faculty of Aerospace Engineering (Delft University
of Technology). Strains are measured using a longitudinal extensometer (gauge length of 50
mm). Strain gauges are used to determine the Poisson’s ratio. In [1], the results of these
tensile tests on dog-bone shaped samples are presented. Here, a large scatter in mechanical
properties (stiffness, strength and failure strain) was observed. Table 3.4 summarizes the
results. The dimensions of the samples are shown in Fig. 3.5.
Figure 3.5: Dimensions of the dogbone samples
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thickness width E XT T ν
[mm] [mm] [MPa] [MPa] [%] [-]
GMT40 TNO 02 2.58 9.85 8282 124.0 2.15 0.35
GMT40 TNO 03 2.78 9.83 4613 57.1 2.24 0.34
GMT40 TNO 04 2.67 9.87 5961 73.0 1.88 0.34
GMT40 TNO 05 2.85 10.00 5364 77.8 2.30 0.36
GMT40 TNO 06 2.77 9.78 5327 74.7 2.36 0.39
GMT40 TNO 07 2.80 10.04 5668 98.0 2.54 -
GMT40 TNO 08 2.81 10.06 5062 65.5 2.33 -
GMT40 TNO 09 2.82 10.04 7140 114.7 2.26 -
GMT40 TNO 10 2.88 10.05 4650 67.1 2.15 -
Mean 5785 83.5 2.25 0.356
Deviation 1208 23.3 0.18 0.02
Variation 21 28 8.2 6.1
Table 3.4: Quasi-static tensile tests reported by TNO [1]
3.1.3 Bending tests
Quasi-static three-point bending tests are performed according to the ASTM D790-03 [6] stan-
dards, in order to assess the flexural behaviour of GMT40, and to obtain values for the bend-
ing modulus Eb, the flexural strength Xf and corresponding strain f . These displacement-
controlled tests are performed on an Instron 1342 servohydraulical testing machine, with a
load cell of 1 kN. Fig. 3.6 shows the experimental bending setup. The supports and the
indentor have a radius of 5 mm.
Figure 3.6: Three point bending setup
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Table 3.5 presents the results of three-point bending tests on thin samples (3.5 mm) with a
large span (150 mm). The absorbed energy is calculated as the surface under the load/de-
flection curve.
thickness width speed Eb energy
[mm] [mm] [mm/min] [MPa] [J]
GMT40 C15 3.53 27.1 2 4119 1.83
GMT40 C16 3.53 27.1 2 3740 1.56
GMT40 C17 3.53 28.5 2 4065 1.91
GMT40 C18 3.53 28.8 45 5265 2.34
GMT40 C19 3.61 27.1 45 5742 2.48
GMT40 C20 3.57 26.9 45 5845 2.76
GMT40 C24 3.43 29.4 500 6045 2.39
GMT40 C25 3.47 27.8 600 5820 2.07
GMT40 C26 3.43 26.1 700 4840 1.64
GMT40 C27 3.33 28.5 800 5255 1.65
GMT40 C28 3.37 29.7 900 5120 2.19
GMT40 C21 3.57 27.9 1000 5635 2.51
GMT40 C22 3.53 27.3 1000 5960 2.82
GMT40 C23 3.53 27.3 1000 5560 2.38
Mean 5215 2.18
Deviation 756 0.41
Variation 14.5 18.9
Table 3.5: Three-point bending tests on thin samples with a large span
The bending modulus is calculated as
Eb = m
L3
4 b d3
(3.1)
with support span L, beam width b and depth d, and m the slope of the tangent to the initial
load/deflection curve. No values for flexural strength could be determined, since failure does
not occur in these experiments. Moreover, it is known [7] that the hysteresis loops of bending
force versus midspan displacement can be affected significantly by friction at the supports,
especially for large displacements. Hence, the interpretation of the results presented in Fig.
3.7, indicating an increasing bending modulus with the test speed, is not straightforward.
The results of three-point bending tests on thin samples (3 mm) with a small span (60 mm)
are presented in Table 3.6. The variation on the value for the bending modulus (15%) is
rather high. The flexural strength is calculated as
Xf =
3
2
LPmax
b d2
(3.2)
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Figure 3.7: Bending tests on thin samples with a large span, at different velocities
thickness width speed Eb Xf f energy
[mm] [mm] [mm/min] [MPa] [MPa] [%] [J]
GMT40 C16a 3.5 27.0 100 5137 155 4.4 3.66
GMT40 C16b 3.5 27.2 200 4796 152 4.5 3.91
GMT40 C17a 3.5 28.7 300 5900 161 4.0 4.28
GMT40 C17b 3.5 28.5 400 5480 147 4.0 3.96
GMT40 C21a 3.5 28.0 500 5885 148 4.3 3.77
GMT40 C21b 3.5 26.0 600 6072 147 3.7 3.57
GMT40 C22a 3.5 27.2 700 6462 164 4.4 4.08
GMT40 C22b 3.5 27.0 800 7680 163 4.1 3.98
GMT40 C23a 3.5 27.2 900 6384 158 3.8 4.07
GMT40 C23b 3.5 27.4 1000 5960 162 3.9 5.84
Mean 5979 155.7 4.11 4.11
Deviation 790 6.83 0.28 0.64
Variation 13.2 4.4 6.73 15.6
Table 3.6: Three-point bending tests on thin samples with a small span
with Pmax the maximum load. The corresponding strain is given by
f = 6
dDmax
L2
(3.3)
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with Dmax the midspan deflection at maximum load. The tests are performed at different
velocities to investigate the influence of the test speed on the flexural behaviour. Fig. 3.8
indicates that bending stiffness nor flexural strength are significantly affected at moderate
rates of deformation. Strain rate sensitivity of GMT40 is discussed in detail in section 3.1.6.
Figure 3.8: Bending tests on thin samples with a small span, at different velocities
thickness width speed Eb Xf f energy
[mm] [mm] [mm/min] [MPa] [MPa] [%] [J]
GMT40 G03 8.57 25.1 2 4886 87 3.8 9.61
GMT40 H08 6.93 25.0 2 3838 97 4.0 9.23
GMT40 H09 6.92 25.1 2 3612 92 3.9 7.1
GMT40 H10 6.84 24.9 45 4158 100 3.9 9.53
GMT40 H11 6.84 25.0 45 3950 95 3.6 8.33
GMT40 H12 6.72 25.2 45 4415 104 3.8 9.1
GMT40 H13 6.72 25.0 1000 4323 104 3.7 9.03
GMT40 H14 7.05 25.3 1000 3589 97 4.4 10.58
GMT40 G04 8.63 25.0 1000 6520 105 3.2 10.64
Mean 4366 97.9 3.8 9.24
Deviation 907 6.05 0.32 1.08
Variation 20.7 6.18 8.15 11.7
Table 3.7: Three-point bending tests on thick samples with a large span
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Figure 3.9: Bending tests on thick G-samples with a large span, at different velocities
Table 3.7 summarizes the results of three-point bending tests on thick samples (7 mm) with
a large span (150 mm). The corresponding curves are presented in Fig. 3.9 and Fig. 3.10
respectively.
Figure 3.10: Bending tests on thick H-samples with a large span, at different velocities
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Since L/d > 16, the flexural strength is corrected for end forces as [6]
Xf =
3
2 b d2
Pmax
[
1 + 6
(
Dmax
L
)2
− 4
(
dDmax
L2
)]
(3.4)
Again, a large scatter in material properties is observed. The influence of the test velocity is
not pronounced. Strain rate sensitivity of GMT40 is discussed in detail in section 3.1.6.
3.1.4 Compression Tests
Quasi-static compression tests are performed according to the IS0 1426 standards [8], to ob-
tain values for the compression modulus of elasticity Ec1 and the compression strength XC .
These tests are performed by TNO on a Zwick 250 kN testing machine in the Structures and
Materials Laboratory of the Faculty of Aerospace Engineering (Delft University of Technol-
ogy). Specimens without tabs (80 x 16 mm) are tested, using an extensometer to measure
the strain. No strength determination could be performed, since the samples were not tested
up to failure. In [1], the results of the compression tests are presented. Again, a very large
variation in material properties was reported. Table 3.8 summarizes the results.
thickness width Ec1
[mm] [mm] [MPa]
GMT40 TNO 07 2.74 16.31 7701
GMT40 TNO 08 2.61 16.59 6287
GMT40 TNO 09 2.65 16.48 9133
GMT40 TNO 10 3.07 16.55 4781
GMT40 TNO 11 2.83 16.49 6554
GMT40 TNO 12 2.96 16.32 4886
GMT40 TNO 13 2.76 16.55 5374
GMT40 TNO 14 2.72 16.55 3987
Mean 6063
Deviation 1720
Variation 28.4
Table 3.8: Quasi-static compression tests reported by TNO [1]
3.1.5 Shear Tests
Out-of-plane shear tests are performed according to the ASTM standards [9] to obtain values
for the shear modulus G13 = G23 and the shear strength R = T . These tests are performed
by TNO on a Zwick 250 kN testing machine in the Structures and Materials Laboratory of
the Faculty of Aerospace Engineering (Delft University of Technology).
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Out-of-plane GMT samples are cut from a 20 mm thick panel. Strains are measured with
strain gauges in ± 45 ◦ directions. In [1], the results of the out-of-plane shear tests are pre-
sented. A small variation in shear modulus was reported. The shear strength is estimated by
extrapolation of the stress-strain cruves to a shear strain of 5%. Table 3.9 summarizes these
results.
thickness width G13 = G23 R = T
[mm] [mm] [MPa] [MPa]
GMT40 TNO 21 12.11 8.28 765.4
GMT40 TNO 22 12.10 8.19 741.5
GMT40 TNO 24 12.17 8.04 752.2 15.17
GMT40 TNO 25 12.14 8.15 785.2
GMT40 TNO 26 12.08 8.09 760.9
Mean 761 15.17
Deviation 16.3
Variation 3.14
Table 3.9: Out-of-plane shear tests reported by TNO [1]
3.1.6 Strain Rate Sensitivity
Glass Mat Thermoplastic has rate dependent properties, due to the viscoelastic behaviour of
its polypropylene matrix [10]. High strain rate tensile tests on GMT are extensively reported
in [11]. Due to dynamic effects (oscillations) during the tests, it was not possible to measure
the stiffness of the material. However, fracture stress and strain were determined. The results
are shown on a logarithmic scale in Fig. 3.11.
The material seems to have an increasing strength up to a strain rate of 10/s, while the
strength decreases for higher strain rates. The fracture strain increases from quasi-static
regime to a strain rate of 1/s, followed by a decline for higher strain rates.
Strain rate sensitivity of GMT40 is also discussed in [12]. Fig. 3.12 shows stress/strain curves
at different tensile speeds. These curves are based on interpolation of tensile tests at velocities
between 0.01 mm/s and 6000 mm/s. Here, the failure strain does not depend on the strain
rate, and is approximately 2.25 %. However, it is clearly shown that the stiffness, strength
and energy absorption increase with the strain rate.
This viscoelastic behaviour can be described by power laws [12] for both stiffness and strength.
The dependence of stiffness and strength on strain rate is shown in Fig. 3.13 and Fig. 3.14.
32
Chapter 3. Experimental Characterization of Glass Mat Thermoplastic
Figure 3.11: Influence of strain rate on fracture stress and strain [11]
Figure 3.12: Tensile curves at different test speeds [12]
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Figure 3.13: Influence of strain rate on stiffness [12]
In [13], the dynamic behaviour of GMT40 is described by a Johnson-Cook model:
σ (, ˙) = σ0 ()
[
1 +
1
p
ln
(
˙
˙0
)]
(3.5)
with ˙0 = 0.005/s and p = 14.
Figure 3.14: Influence of strain rate on strength [12]
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3.1.7 Micromechanical Calculations
Based on the fibre volume content (Vz = 19%) and the properties of the polypropylene matrix
and the glass fibres, the elastic constants of GMT40 can be obtained through micromechanical
calculations. In this work, the ELACON software (developed by prof. dr. ir. J. Degrieck and
dr. ir. P. Martin) was used. The input data [14–17] is listed in Table 3.10.
E-glass PP
stiffness E [MPa] 76000 1250
contraction ν [-] 0.3 0.35
density ρ [kg/m3] 2550 900
Table 3.10: Properties of matrix and fibres
The computed results are presented in Table 3.11 and compared with experimental data. The
agreement is very good, so the values for the out-of-plane properties E3 and ν13 = ν23 can be
applied as a good estimation for the real material behaviour.
Elacon Experiment
E1 = E2 [MPa] 6395 6528 ± 230
E3 [MPa] 2260
ν12 [-] 0.324 0.356 ± 0.02
ν13 = ν23 [-] 0.342
G12 [MPa] 2415 2418 ± 85
G13 = G23 [MPa] 700 761 ± 16
ρ [kg/m3] 1213 1175 ± 17
Table 3.11: Elastic properties of GMT40
3.1.8 Summary
Measuring the elastic properties of anisotropic materials requires quite some precaution. In
particular, obtaining reliable strength values (XT , XC , Xf , R) is not straightforward. In this
section, the results of extensive static testing on GMT40 were presented, and compared with
literature data [14, 18, 19] and micromechanical calculations. Table 3.12 summarizes the
elastic constants and strength values used throughout this book. The reader shall take into
account that composite materials exhibit some scatter on their mechanical properties.
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ρ 1175 kg/m3
Vz 19 %
Et1 = E
t
2 6528 MPa
E3 2260 MPa
Ec1 = E
c
2 6063 MPa
Eb 5187 MPa
ν12 0.356
ν13 = ν23 0.342
G12 2418 MPa
G13 = G23 761 MPa
XT = YT 74.7 MPa
Xf 127 MPa
ZT 45 MPa
R = T 15.2 MPa
T 2.15 %
f 4.0 %
Table 3.12: Mechanical properties of GMT40
3.2 Impact Experiments
Transverse impact experiments are performed to study the dynamic behaviour of Glass Mat
Thermoplastic. A pneumatic accelerator is used to provide the impact energy. It can launch
an impactor with a mass of up to 100 grams at velocities ranging from 1 to 30 m/s. The
impactor is accelerated and strikes the composite specimen, which is clamped at the upper
and lower side. The displacements, velocities and contact forces are measured during the
experiment using a contactless method. With the use of a high speed camera, the onset and
growth of damage can be tracked. Moreover, the deflection of the specimen during the impact
experiment can be calculated with a phase-shift shadow Moire´ technique.
In this section, the impact setup and the results of the experiments, listed in Table 3.13 are
presented. The instrumentation, data-acquisition and signal processing are briefly discussed.
3.2.1 Experimental Impact Facility
To perform transverse impact experiments, a pneumatic accelerator, shown in Fig. 3.15,
is used. This setup has been developed by prof. dr. ir. J. Degrieck, and is extensively
documented in [20]. A schematic of the experimental impact facility is depicted on Fig. 3.16.
36
Chapter 3. Experimental Characterization of Glass Mat Thermoplastic
thickness width time vi vf umax
[mm] [mm] [ms] [m/s] [m/s] [mm]
GMT40 B01 3.37 25.33 3.5 4.81 -3.81 5.36
GMT40 B02 3.47 25.26 3.21 5.50 -3.92 5.72
GMT40 B03 3.46 25.37 3.2 5.42 -4.08 5.49
GMT40 B04 3.22 25.22 3.24 5.72 -3.72 5.65
GMT40 B05 3.33 25.14 3.8 5.35 -3.88 6.54
GMT40 B06 3.33 25.15 3.5 7.50 -4.28 7.77
GMT40 B07 3.42 25.22 3.5 6.38 -4.64 5.64
GMT40 B08 3.40 25.20 3.8 3.30 -2.50 3.67
GMT40 B09 3.40 25.09 3.3 3.93 -3.17 4.45
GMT40 B10 3.33 25.16 3.0 5.10 -4.02 5.0
GMT40 B11 3.39 25.31 3.5 7.35 -4.35 6.82
GMT40 B12 3.35 25.26 3.7 5.0 -3.73 5.69
GMT40 B13 3.41 25.13 3.1 8.81 -4.55 7.74
GMT40 B14 3.43 25.28 2.3 10.2 -5.81 8.18
GMT40 B15 3.42 25.14 2.7 6.18 -4.94 5.89
GMT40 B16 3.38 25.26 3.3 8.64 -4.58 8.13
GMT40 B17 3.55 25.41 2.8 6.84 -4.49 6.49
GMT40 B18 3.45 25.28 2.3 10.6 -4.47 8.92
GMT40 B19 3.33 25.20 2.9 9.0 -4.49 8.50
GMT40 B20 3.33 25.29 2.9 10.6 -4.94 9.50
Table 3.13: Transverse impact experiments
Figure 3.15: Experimental impact facility
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Figure 3.16: Schematic of the experimental impact test facility
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A pneumatic accelerator (1) is used to provide the impact energy. The inlet of compressed
air is controlled by the input valve (2). The piston rod is locked by the release mechanism
(3). When the pressure (4) in the piston chamber has reached its desired value, the piston
rod is released and guided into the barrel (5), where the impactor is accelerated. The piston
is decelerated by the crash tube (6) and by opening the output valve (7). Just before the
impactor hits the clamped composite specimen, a laser beam is interrupted, which triggers
the data-acquisition.
The entire impact facility is computer controlled by LabView. Based on impactor mass and
desired velocity, the required pressure is calculated. The pneumatic accelerator can launch
an impactor with a mass of up to 100 grams at velocities ranging from 1 to 30 m/s. The
impactor displacement is measured optically (§ 3.2.2) by means of a transient recorder (8),
with a sample frequency of 1 MHz on an 8 bit resolution.
In this work, tests are carried out on small beams (200 x 25 x 3.4 mm), clamped at both ends,
leaving a free span of 120 mm. The exact boundary conditions are shown in Fig. 3.17.
Figure 3.17: Boundary conditions for the impact experiments
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The surface of the clamps is roughened to improve grip on the specimen. The bolts are
mounted with a predescribed torque, to ensure reproducible boundary conditions. The im-
pactor hits the composite specimen with an initial velocity vi. The dimensions of the trans-
verse impact experiments are shown in Fig. 3.18.
Figure 3.18: Dimensions of the transverse impact experiments
The governing parameters for the impact are listed in Table 3.14.
Impactor Specimen
mass geometry
velocity dimensions
top radius boundary conditions
material properties material properties
Table 3.14: Most important impact parameters
The impactor, used for this research, is made of steel and has a mass of 50 grams. The
dimensions are shown in Fig. 3.19.
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Figure 3.19: Impactor with line grating and dimensions
3.2.2 Instrumentation and Measurements
The experimental impact facility is equipped with high-frequency instrumentation to measure
displacements, velocities and contact forces during the experiments. A high speed camera is
used to monitor the indentation of the specimen, and track the onset and growth of damage.
A relatively simple optical technique [21, 22] is applied for recording the history of impactor
displacement, from which the impact velocity and contact force histories can be readily ob-
tained for a (quasi)rigid impactor. This technique is based on the relative displacement of
two Moire´ line gratings: one attached to the impactor; and the other serving as stationary
reference grating, as shown in Fig. 3.20.
The impactor grating is projected on the stationary grating by means of a lens. Both gratings
are oriented perpendicular to the impact direction. The moving line grating on the impactor
is characterized by its pitch p and width b of the lines. After projection on the stationary
grating, where the Moire´ pattern is formed, these values become p′′ and b′′ respectively. The
stationary line grating has a pitch p′ and a line width b′.
When the image of the projection of the impactor grating does overlap with the lines of the
reference grating, the amount of light falling on a photodiode, located just behind the reference
grating, reaches a maximum. For a relative displacement of the projectile, corresponding to
half the pitch of its grating, the recorded light intensity I(t) is minimal. When the impactor
is moving, the photodiode records a fluctuating intensity of the light: each extremum of the
recorded signal thus corresponds to a relative displacement of the impactor of half the pitch
of the impactor grating.
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Figure 3.20: Optical method to measure impactor displacement [21]
The grating densities do not necessarily have to be the same. To be usable in practice, the
densities of the projection of the moving grating and of the stationary grating should match
as well as possible (p′ = p′′ and b′ = b′′). To enhance the light intensity incident on the
photodiode, a plexiglass cone - collecting light from a circular area with a diameter of 8 mm -
was placed between the reference grating and the photodiode. The signal of the photodiode is
digitized and captured by means of a transient recorder. An example of a recorded photodiode
signal I(t) is shown in Fig. 3.21.
The consecutive derivatives needed to calculate the impact force history assume an extremely
smooth displacement history. Therefore, adequate numerical signal processing routines were
developed [20] to obtain a reliable displacement history from the recorded signal. Fig. 3.22
shows the filtered (and normalised) photodiode signal. Note that excessive filtering must be
avoided, in order to prevent signal distortion.
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Figure 3.21: Recorded light intensity signal I(t)
Figure 3.22: Filtered and normalised light intensity signal I(t)
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In [21], the recorded light intensity I(t) is written as a periodic function of the target dis-
placement u(t):
I(t) =
(
b′
p′
)2
+
2
pi2
∞∑
n=1
1
n2
sin2
(
pin
b′
p′
)
cos
(
2pin
u(t)
p
)
≈
(
b′
p′
)2
+
2
pi2
sin2
(
pi
b′
p′
)
cos
(
2pi
u(t)
p
)
(3.6)
≈ I0 + I1 cos
(
2pi
u(t)
p
)
Thus, the impactor displacement history is calculated as
u(t) ≈ p
2pi
arccos
(
I(t)− I0
I1
)
(3.7)
This expression is only valid within half a period of the recorded signal. Phase unwrapping
must still be applied in order to obtain a continuous displacement history. The VeloImp
software [20] applies an automatic calibration procedure to take into account all possible
sources of deviation. The impactor displacement u(t) corresponding to the recorded signal
I(t) is shown in Fig. 3.23.
Figure 3.23: Impactor displacement history u(t)
Once the history of impactor displacement is obtained, it is represented by its Fast Fourier
Transform, and then numerically differentiated in the frequency domain. The velocity is
subsequently obtained through the inverse Fast Fourier Transform (and additional filtering
of higher frequencies). Fig. 3.24 shows the impactor velocity history v(t).
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Figure 3.24: Impactor velocity history v(t)
The deceleration a(t) is derived from the velocity history. Since the impactor can be as-
sumed rigid (compared with the deformation of the specimen), the impactor force history is
immediately obtained as
F (t) = −ma(t) (3.8)
with m the impactor mass. In Fig. 3.25, it is seen that the consecutive numerical differenta-
tions induce quite some noise on this force signal.
Figure 3.25: Impact force history F (t)
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The impact energy is calculated as
E(t) =
t∫
0
F (τ) v(τ)dτ (3.9)
and shown in Fig. 3.26.
Figure 3.26: Impact energy history E(t)
All the impact experiments are instrumented with a high speed camera to track the onset
and growth of damage. At the same time, the specimen deflection is filmed, using a small
mirror (Fig. 3.27). A shadow Moire´ technique [23, 24] is applied to measure the out-of-plane
displacements. A line grating is positioned close to the back of the specimen, and its shadow
is observed through the grating. The grating lines and the shadow lines interfere, producing
fringes which represent contours of equal height and describe the deflection of the specimen
during impact.
A great deal of supplementary information in the gray level variation can be revealed using
the phase-shift method [25]. This phase-shift is obtained by changing the distance between
the grating and the specimen. Even a digital phase-shift shadow Moire´ technique [26, 27] can
be applied, where only one image is captured: the projected grating lines onto the deformed
surface of the specimen. The reference grating is superimposed numerically, and a digital
phase-shift is performed. Due to the simple optical arrangement, errors caused by optical
settings are eliminated, which makes this procedure very suitable for measurements of highly
dynamic phenomena.
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Fig. 3.27 shows the deflection of a composite specimen under impact loading, captured with a
high speed camera. At the back of the specimen, standard shadow Moire´ fringes are formed,
and the projected grating lines are filmed as well. Moire´ analysis has shown that the specimen
deflection, shown in the mirror (Fig. 3.27), is a very good measure for the actual indentation.
Thus, this captured deflection is used as experimental validation in this work.
Figure 3.27: Deflection of a composite specimen under impact loading
3.2.3 Transverse Impact Test Results
The results of the fully instrumented transverse impact experiments (Table 3.13) are presented
in this section. An impact energy balance is drawn, and some general trends are discussed.
Quasi-elastic tests are compared with experiments where damage initiation occurs. The
results of experiments with damage propagation are reported as well.
Impact Energy Balance
When an impactor (with mass m) hits a specimen (with length L, width b and thickness t)
with an initial velocity vi, the specific impact energy is given by
Ei
V
=
mv2i /2
b t L
(3.10)
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Ei Ef Ea Ea/Ei Ei/V
[J] [J] [J] [-] [J/m3]
GMT40 B01 0.578 0.363 0.216 0.373 34045
GMT40 B02 0.756 0.384 0.372 0.492 43314
GMT40 B03 0.734 0.416 0.318 0.433 43228
GMT40 B04 0.818 0.346 0.472 0.577 46849
GMT40 B05 0.716 0.376 0.339 0.474 40919
GMT40 B06 1.406 0.458 0.948 0.674 84908
GMT40 B07 1.018 0.538 0.479 0.471 61030
GMT40 B08 0.272 0.156 0.116 0.426 16416
GMT40 B09 0.386 0.251 0.135 0.349 22474
GMT40 B10 0.650 0.404 0.246 0.378 38400
GMT40 B11 1.351 0.473 0.878 0.650 79099
GMT40 B12 0.625 0.348 0.277 0.443 37115
GMT40 B13 1.940 0.518 1.423 0.733 113203
GMT40 B14 2.601 0.844 1.757 0.676 151370
GMT40 B15 0.955 0.610 0.345 0.361 55580
GMT40 B16 1.866 0.524 1.342 0.719 110272
GMT40 B17 1.170 0.504 0.665 0.569 64857
GMT40 B18 2.809 0.499 2.309 0.822 162664
GMT40 B19 2.025 0.504 1.521 0.751 121157
GMT40 B20 2.809 0.610 2.199 0.783 168312
Table 3.15: Impact energy balance
The impactor returns with a velocity vf < 0 and, hence, a residual energy
Ef =
mv2f
2
(3.11)
Thus, the fraction of the initial energy absorbed by the specimen during impact can be
calculated as
Ea
Ei
=
Ei − Ef
Ei
= 1−
(
vf
vi
)2
(3.12)
The impact energy balance is presented in Table 3.15.
In Fig. 3.28, the maximum indentation umax is shown as a function of the specific impact
energy. This non-linear tendency can be described by a power law. Fig. 3.29 shows the
amount of energy absorbed by the composite specimen. Although there is some variation, it
is observed that the absorbed energy increases with the impact energy.
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Figure 3.28: Maximum indentation as function of impact energy
Figure 3.29: Absorbed energy as function of impact energy
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Quasi-Elastic Impacts
In Fig. 3.30, the impactor velocity history is shown for two quasi-elastic experiments (B08
with vi = 3.3 m/s and B09 with vi = 3.93 m/s). It is known [28–30] that the velocity profile
v(t) is a fingerprint of the composite specimen under impact loading, and contains valuable
information about the damage state and the residual properties of the material. At very low
impact velocities, the material responds almost purely elastic. The composite beam acts as a
linear spring, and no damage occurs.
Figure 3.30: Velocity profiles for quasi-elastic impact experiments
Initiation of Damage
When the initial velocity is slightly higher (vi ∼ 5 m/s), nucleation of damage occurs: barely
visible cracks are formed at the back of the specimen, as depicted in Fig. 3.31.
Figure 3.31: Damage initiation at the back of the impact zone
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The impactor velocity history for some of these experiments are shown in Fig. 3.32. There
is little difference between these curves, showing that the variation on the elastic properties
(Table 3.2) is indeed small.
Figure 3.32: Velocity profiles for experiments with vi ∼ 5 m/s
When the impact velocity increases (6 m/s < vi < 7 m/s), the cracks at the back of the
specimen grow -both in size and number- and cover the whole width of the beam. Moreover,
minute cracks in the vicinity of the clamps are observed (Fig. 3.33).
Figure 3.33: Damage initiation around the clamps
Fig. 3.34 shows the velocity profiles for some of these experiments. Again, the impact tests
are very reproducible. The influence of damage onset is not pronounced.
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Figure 3.34: Velocity profiles for experiments with vi between 6 m/s and 7 m/s
Propagation of Damage
In Fig. 3.35, velocity histories are shown for experiments with an initial velocity between 7
m/s and 9 m/s. Here, the variation on the value for the elastic strength XT (Table 3.2) comes
into account. The velocity profiles are moderately affected by the growth of damage.
Figure 3.35: Velocity profiles for experiments with vi between 7 m/s and 9 m/s
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At the center of the specimen, a small zone of complete degradation is formed. The cracks at
the clamps have grown, and extend over the whole width of the specimen (Fig. 3.36).
Figure 3.36: Damage propagation at the back of the impact zone
At even higher impact velocities (vi > 10 m/s), localised areas of complete degradation
are observed at the impact zone and around the clamps. Fine cracks are seen over the
entire specimen surface (Fig. 3.38). For some of the experiments, a very small permanent
deformation is observed. The induced damage influences the impactor velocity profiles, as
shown in Fig. 3.37.
Figure 3.37: Velocity profiles for experiments with vi > 10 m/s
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Figure 3.38: Damage propagation around the clamps
3.3 Elastic Simulation of Transverse Impact
A finite element (FE) model to simulate transverse impact experiments is implemented in
the commercial Abaqus Explicit code. The tremendous importance of modelling correct
boundary conditions is emphasized. A sensitivity analysis is presented to assess the influence
of small variations in the material properties. Where quasi-elastic experiments can be simu-
lated with very good agreement, the elastic FE model cannot accurately predict the impactor
velocity history when damage occurs. This proves the need for impact damage modelling.
3.3.1 Finite Element Model
The dimensions of the finite element model are shown in Fig. 3.18. In the simulations, the
exact sample dimensions, listed in Table 3.13, are used. The impactor (Fig. 3.19) is made of
steel, with ρ = 7850 kg/m3, E = 210000 MPa and ν = 0.3. The clamps are modelled as steel
solids as well. The elastic properties of GMT40, used in the simulations, are summarized in
Table 3.16. Note that the composite is modelled as a transversely isotropic material.
ρ 1200 kg/m3
E1 = E2 6530 MPa
E3 2260 MPa
ν12 0.356
ν13 = ν23 0.342
G13 = G23 761 MPa
Table 3.16: Elastic properties of GMT40 used in the simulations
Due to symmetry, only a quarter of the problem is simulated. The finite element model is
shown in Fig. 3.39. The impactor has an initial velocity vi. Where the impactor nose hits the
composite specimen, contact conditions are specified. The back surface of the upper clamp
is constrained in 3-direction. The other clamp is pressed onto the specimen with a clamping
force FC . If the M8 bolts (Fig. 3.17) are mounted with a torque MB, this clamping force can
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Figure 3.39: Finite element model for transverse impact simulations
be obtained through [31]
MB =
FC dp
2
[
µtot
(
1
cos (β/2)
+
dw + dh
2 dp
)
+ tanφ
]
(3.13)
with
• pitch diameter dp = 7.188 mm
• bolt circle diameter dw = 13 mm
• drill hole diameter dh = 8.4 mm
• thread profile angle β = 60 ◦
• thread lead angle φ = 3.17 ◦
• total friction µtot = 0.12
When the bolts are mounted with a torque MB = 5 Nm, the corresponding clamping force
yields FC = 3737 N. In the symmetric finite element model, depicted in Fig. 3.39, two bolts
are mounted on a clamp with a contact surface of 12.5 mm by 40 mm. Therefore, the clamping
force can be modelled as a uniformly distributed pressure p = 15 MPa. Contact conditions are
specified between the clamps and the specimen (with a friction coefficient µ = 0.22), allowing
relative slip when the composite beam is subjected to dynamic bending.
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Figure 3.40: Composite specimen mesh
For the elastic simulation of transverse impact, C3D8R solid elements (8 node linear bricks)
are used. Fig. 3.40 shows that the mesh for the composite specimen is denser around the
clamps and in the vicinity of the impact zone. Four elements through the thickness of the
beam are used. The problem size is presented in Table 3.17.
# elements
impactor 436
clamps 2 x 1768
specimen 4576
total # el. 4576
total # nodes 11400
total # DOFs 34200
Table 3.17: Total number of elements, nodes and degrees of freedom
The quasi-elastic experiments, presented in section 3.2.3, are simulated with this elastic fi-
nite element model. Fig. 3.42 compares the calculated impactor velocity history with the
experimental data for GMT40 B09, an impact test with initial velocity vi = 3.93 m/s. The
agreement is excellent, proving that the finite element model is well conditioned.
Fig. 3.41 shows the response of the composite specimen under impact loading. The defor-
mation of the specimen is shown for every increment ∆t = 0.2 ms. The total duration of the
impact is t = 4 ms. The first clamp is not displayed, to improve the visibility of the specimen.
In Fig. 3.41, the normalised Von Mises stress
Σ =
σvm
XT
=
√
(σ11 − σ22)2 + (σ22 − σ33)2 + (σ33 − σ11)2 + 6
(
σ212 + σ
2
23 + σ
2
31
)
√
2XT
(3.14)
is shown for the composite beam under impact loading. The corresponding color code conven-
ton shall be applied throughout this work for every dimensionless variable, varying between
0 and 1, especially the damage variable d.
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Figure 3.41: Elastic simulation of transverse impact
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Figure 3.42: Elastic simulation vs. experimental velocity history for GMT40 B09
The impact simulation reveals there are multiple contacts between impactor and specimen.
These multiple impacts, during the first stage of contact, are seen on high speed camera
recordings as well. Moreover, these observations are experimentally supported: Fig. 3.43
shows that the contact force repeatedly drops to zero (F (t) ≤ 0) during impact!
Figure 3.43: Contact force history for the first stage of experiment GMT40 B09
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Fig. 3.44 compares the impactor velocity profile for the experiment GMT40 B08 (with vi =
3.3 m/s) with the elastic simulation results. Again, the agreement between experiment and
simulation is very good.
Figure 3.44: Elastic simulation vs. experimental velocity history for GMT40 B08
3.3.2 Influence of Boundary Conditions
Many authors [20, 30, 32] have highlighted the importance of modelling correct boundary
conditions in impact simulations. As impact induces stress waves in the material, the influence
of the boundary conditions (free, clamped, fixed, simply supported,...) on the structural
response can no longer be neglected.
Here, the clamping of the specimen is discussed in detail. It is shown that a perfect clamp,
constraining the displacements in 1-direction, does not yield good results, as the response is
way too stiff. Other types of boundary conditions are presented, and the influence of small
variations in their parameters is discussed. Furthermore, simulations provide valuable proof
that the assumptions, made for the optical signal processing (§ 3.2.2) are valid, i.e. the
impactor can be modelled as a (quasi)rigid body.
The simulated velocity history for the GMT40 B03 experiment (with vi = 5.42 m/s) is chosen
as a benchmark. In this experiment, damage initiation is observed, and barely visible cracks
are formed at the back of the specimen.
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Fig. 3.45 shows that the influence of damage onset on the velocity profile is not pronounced.
Although the predicted residual velocity |vf | is somewhat higher, the elastic simulation cor-
responds well with the experimental data.
Figure 3.45: Elastic simulation vs. experimental velocity history for GMT40 B03
Perfect Clamping
The simplest boundary condition is modelling a perfect clamp: the length of the specimen is
reduced to its free span, and the displacement of the side surface is constrained in 1-direction
(Fig. 3.46).
Figure 3.46: Perfect clamping vs. correct boundary conditions
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Fig. 3.47 indicates that the structural response for this type of of boundary condition is
much too stiff: the impactor is decelerated very rapidly, and the residual velocity |vf | is too
high. The deflection of the specimen (Fig. 3.46) is underestimated. Moreover, in some of the
experiments, damage is reported between the clamps (Fig. 3.33), implying that the whole
specimen length has to be modelled.
Figure 3.47: Influence of perfect clamping on the impactor velocity profile
Fixed Clamps
A relatively simple model for the boundary conditions is proposed here: the whole specimen
is taken into account, and the clamps are modelled as steel solids. However, no clamping
force is applied: the back surfaces of both clamps are constrained in 3-direction.
Figure 3.48: Fixed clamps vs. correct boundary conditions
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Thus, these clamps merely act as a guidance for the composite specimen. Contact conditions
are specified between the clamps and the specimen, with a friction coefficient µ = 0.22.
Figure 3.49: Influence of fixed clamps on the impactor velocity profile
Fig. 3.49 shows that this type of boundary condition yields an impact behaviour where the
apparent stiffness is too low. The clamps allow large displacements in 1-direction, and the
specimen deflection is overestimated (Fig. 3.48).
The best approach is the model presented in § 3.3.1: the back surface displacement of the
upper clamp is constrained in 3-direction, and a clamping force is applied to account for the
mounting of the bolts. In the next sections, the sensitivity of the parameters µ and p is
investigated.
Influence of Friction Coefficient µ
Contact conditions are specified between the clamps and the composite specimen, incorporat-
ing a tangential behaviour described by a Coulomb friction coefficient µ = 0.22. This value
is difficult to estimate, and literature data is scarce. Fig. 3.50 shows that the influence of a
large variation in friction coefficient (µ = 0.33) is limited.
The velocity difference (i.e. simulation − benchmark) increases with specimen deflection.
Once the beam has reached its maximum indentation, the difference between both curves
decreases.
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Figure 3.50: Influence of friction coefficient µ on the impactor velocity profile
Influence of Clamping Force FC
The clamping force is represented by a uniformly distributed pressure p = 15 MPa. Since the
torque (3.13) can vary slightly between different experiments, some variation on the value for
the clamping force is likely to occur. Fig. 3.51 shows that an increase of 10% (p = 15 MPa)
has no significant influence on the impactor velocity history.
Figure 3.51: Influence of pressure p on the impactor velocity profile
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Rigid Clamps
When the clamps are modelled as rigid bodies, the degrees of freedom are restricted to
the displacements of their reference points. Fig. 3.52 shows that the velocity profile is
not significantly affected. Therefore, the clamps can be modelled as rigid bodies instead of
deformable (steel) solids, thus reducing calculation time.
Figure 3.52: Influence of rigid clamps on the impactor velocity profile
Rigid Impactor
The impactor can be modelled as a rigid body as well. Fig. 3.53 shows that the influence
on the velocity history is not pronounced. This proves that the assumptions, made for the
signal processing (§ 3.2.2) are valid. The impactor can be modelled as (quasi)rigid, at least
compared to the deformation of the specimen, and the equation (3.8) is correct.
Conclusions
The importance of correct boundary conditions in impact simulations was emphasized. The
whole specimen and both clamps have to be modelled. A clamping pressure accounts for the
mounted bolts. It was shown that this approach yields reproductible, robust simulations. The
clamps and the impactor can be modelled as rigid bodies to reduce calculation time, without
losing accuracy. Hence, the assumption of a (quasi)rigid impactor is valid.
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Figure 3.53: Influence of rigid impactor on the impactor velocity profile
3.3.3 Parametric Tuning
In section 3.1, some variation in the elastic properties of GMT40 was reported. Here, a
sensitivity analysis is conducted to assess the influence of the density, the stiffness and the
specimen dimensions on the impactor velocity history. Again, the simulated curve for exper-
iment GMT40 B03 (Fig. 3.45) is chosen as a benchmark.
Variation in Density ρ
In Table 3.1, a variation of 1.5 % on the value for the density ρ was reported. Fig. 3.54 shows
that even an increase of 10 %
(
ρ = 1320 kg/m3
)
has little or no influence on the velocity
profile.
Variation in stiffness E1 = E2
In Table 3.2, a variation of 3.5 % on the value for the stiffness E1 = E2 was reported. Fig.
3.55 shows that a variation of 10 % (E1 = E2 = 7180 MPa) has only minor influence on the
impactor velocity history.
Orthotropic material behaviour
The GMT40 composite has randomly oriented fibre reinforcement, and is modelled as a
transversely isotropic material: E1 = E2, ν13 = ν23, G13 = G23 and the in-plane shear
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Figure 3.54: Influence of density on the impactor velocity profile
Figure 3.55: Influence of stiffness on the impactor velocity profile
modulus is connected to the stiffness through
G12 =
E1
2 (ν12 + 1)
=
E2
2 (ν12 + 1)
(3.15)
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However, due to the production process, the composite material can exhibit orthotropic be-
haviour (E1 6= E2). Fig. 3.56 shows the results for a simulation where E1 = 1.1E2 = 7180
MPa. The influence on the velocity curve can be neglected.
Figure 3.56: Influence of orthotropy on the impactor velocity profile
Variation in specimen thickness t
Due to the moulding process, some variation in the thickness of the composite specimens is
observed. The thickness of each sample is measured at the center and at both ends. The
mean value, reported in Table 3.13, is used in the finite element model. Fig. 3.57 shows
that the thickness t has a pronounced influence on the impact response. Indeed, the bending
stiffness varies with t3. Therefore, it is important to take into account the actual specimen
thickness for each simulation.
Variation in specimen width w
The composite plates are cut into specimens with a nominal width of 25 mm. However, some
variation can be expected. The width of each sample is measured at the center and at both
ends, and the mean value (reported in Table 3.13) is used in the finite element model. Fig.
3.58 shows that the influence of width variations cannot be neglected. This proves, once more,
that the actual specimen dimensions should be applied as input for each impact simulation.
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Figure 3.57: Influence of thickness on the impactor velocity profile
Figure 3.58: Influence of width on the impactor velocity profile
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Conclusions
The finite element model, presented in section 3.3.1, is well conditioned. The variations on
density and elastic properties, reported in Table 3.12, have little or no influence on the im-
pactor velocity. Furthermore, orthotropic material behaviour (E1 6= E2) has no pronounced
effect on the impact response. Nevertheless, it is shown that the influence of specimen di-
mensions cannot be neglected. For each impact simulation, the actual width and thickness
(reported in Table 3.13) should be taken into account.
3.3.4 Limitations of Elastic Impact Simulation
The finite element model is robust, well conditioned, and able to predict the impactor velocity
history in very good agreement with quasi-elastic experiments. Even for impact tests where
minor damage is induced, the structural response can be described quite well.
Figure 3.59: Elastic simulation vs. experimental velocity history for GMT40 B06
On the other hand, an elastic simulation of impact cannot predict the onset and growth of
damage. When an experiment with a higher initial velocity is simulated, the velocity profile
cannot be described accurately. Fig. 3.44 shows the curves for the experiment GMT40 B06
(vi = 7.5 m/s), where damage is induced, and a large amount of minute matrix cracks are
formed.
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The simulation is apparently too stiff: the impactor is decelerated in only 1.55 ms, and the
residual velocity |vf | is much too high. Moreover, the calculated out-of-plane displacement
underestimates the specimen deflection measured by the high speed camera, as shown in Fig.
3.60.
Figure 3.60: Simulated indentation underestimates the measured specimen deflection
Thus, elastic simulation of transverse impact should not be applied for experiments where
damage occurs. This proves the need for damage modelling. In the next chapter, a damage
model for GMT40 is presented. The governing equations, derived from continuum damage
theory, are implemented in finite elements. The material model is calibrated, and shall be
validated by performing transverse impact simulations at higher initial velocities.
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Chapter 4
Damage Modelling of Impact on
Fibre Reinforced Thermoplastics
After a brief introduction on continuum damage mechanics, it is proven that the material
models, currently available, cannot predict the impact behaviour of composites. Then, a
damage model for GMT is presented. The governing equations relate the effect of damage to
a reduction of the elastic constants. The development of damage takes place in two stages:
stable onset and unstable growth. The dynamic constitutive equation accounts for the effects
of strain rate, permanent deformation, damage growth and viscoelasticity. The parameters are
calibrated by comparing impact simulations with experimental results. The numerical mod-
elling, presented here, would have been virtually impossible without the tremendous research
efforts of Robert Dechaene and Geert Leus [1]. I am very grateful for the fruitful discussions
on damage mechanics with Marc´ılio Alves (Sa˜o Paulo University) and Michael Bru¨nig (Dort-
mund University). I also wish to acknowledge Chris Fremgen (IVW, Kaiserslautern) and Ives
De Baere (Ghent University) for their useful hints on material model calibration.
Figure 4.1: Damage Modelling of Impact on Fibre Reinforced Thermoplastics
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4.1 Damage
Damage can be defined as the gradual deterioration of a material, and the corresponding
reduction of the mechanical properties. Damage is an irreversible process, often induced by
mechanical loading. Fatigue, impact, thermal effects and other influences can also be a cause
of damage.
Damage in fibre reinforced plastics is quite different from the sudden fracture of metals,
concrete or stone: innumerable minute cracks gradually develop in the matrix, in the interface
between the matrix and the fibres, and in the fibres. These cracks grow both in size and in
number, and finally lead to the disintegration of the material. This gradual deterioration,
extending both in time and space, can be described using continuum damage mechanics [2, 3].
In the next section, the most important concepts of damage mechanics are briefly outlined,
and a short review on existing damage models is presented.
4.2 Damage Mechanics
4.2.1 Continuum Damage Mechanics
The complex damage state in fibre reinforced composites, formed by a very large number of
minute cracks, can no longer be accurately described by fracture mechanics [4]. Continuum
damage mechanics predicts the complete evolution from the virgin material (in undamaged
state) to the complete macroscopic fracture. Damage mechanics applies constitutive models
to describe this evolution, and can address a very broad range of problems. For every material,
gradual deterioration can successfully be modelled, no matter what the cause of damage is.
Using constitutive models, the accumulated effect of different parameters on the material
behaviour can be predicted.
Subjecting a damaged material to a certain load gives rise to an extremely complicated
strain and stress field, due to the presence of innumerable microcracks, and the correspond-
ing stress concentrations. The basic assumption of continuum damage mechanics is called
homogenisation: the actual damaged material is replaced by a fictitious continuum with the
same response to the applied load. The properties of this fictitious material are described
by a damage model, connecting stresses σij(t) and strains ij(t). This mathematical model
accounts for the effects of damage by introducing internal state variables.
4.2.2 Damage Variables
Damage variables can be defined by their measurable effect on the material response. These
dimensionless variables vary from 0 (sound material) to 1 (complete degradation). Different
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approaches to describe a damaged material by means of internal state variables have been
reported:
• Micromechanical models [5, 6] relate the effect of damage directly to the individual
cracks and material imperfections. The influence of the size, orientation, nature and
number of cracks is homogenized to a macroscopic level. This approach leads to the
definition of a complex higher order damage tensor, which is not directly related to the
constitutive equations of the fictitious material. Moreover, the assumptions (on crack
size and orientation) are too strict, and the damage law, describing the evolution on a
macroscopic level, is often very cumbersome. Hence, the use of micromechanical models
for practical applications is very limited.
• In fatigue modelling [7, 8], the accumulated damage can be defined as d = n/nmax, with
n the number of cycles. These life time prediction models are fairly simple, but do not
incorporate any damage law.
• Some authors [9, 10] measure changes in global physical variables (resistivity, tem-
perature, ...) to estimate the mechanical properties of the material. Ultrasonic mea-
surements, acoustic emission or embedded optic fibres can also be applied for damage
detection [11–13]. Although the damage state can be closely predicted, this entirely
experimental approach does not supply numerical tools for damage prediction.
• In this work, a phenomenological damage model [1] is presented. The stiffness degra-
dation, mainly caused by distributed matrix cracking, is described by a single damage
variable d. The damage model is formulated in terms of global mechanical properties
(stresses and strains). The model parameters have a physical meaning, and are cal-
ibrated by comparing simulation results with experimental data. The mathematical
expressions remain manageable, and the effect of damage is straightforward and can be
interpreted by introducing the notion of effective stress.
4.2.3 Effective Stress
Fig. 4.2 shows an arbitrary volume of damaged material, with a very large number of randomly
oriented microcracks. A section S with normal ~n is loaded with a force F . Hence, the stress
is given by σ = F/S. Damage and defects reduce the actual load-carrying surface S˜:
S˜ = S − Sd (4.1)
with Sd the total area of defects, accounting for stress concentrations and interactions with
other microcracks. The local value of damage in a direction, defined by ~n, can be expressed
as
dn =
Sd
S
(4.2)
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Figure 4.2: Definition of damage
This damage variable varies from 0 (sound material) to 1 (complete degradation with a plane
of fracture in ~n direction) and describes the internal damage state. The value of dn depends
on the orientation of ~n, and can be described by a higher order damage tensor [14, 15]. In
this work, an isotropic damage state is assumed for the GMT40 composite with randomly
oriented glass fibres. The damage state can be described with a single scalar damage variable
0 ≤ d = Sd
S
≤ 1 (4.3)
Rabotnov [16] introduced the notion of effective stress, defined by
σ˜ = σ
S
S˜
=
σ
1− d (4.4)
In case of a three-dimensional isotropic damage state, this definition is valid for all the com-
ponents of the stress tensor {σij}.
4.2.4 Strain Equivalence
Lemaˆıtre [17] introduced the principle of strain equivalence, which states that a damaged
volume of material under the nominal stress σ shows the same strain response as a comparable
undamaged volume under the effective stress σ˜. This concept is schematically shown in Fig.
4.3. Applying this principle to the elastic strain yields
 =
σ˜
E0
=
σ
E0 (1− d) (4.5)
with E0 the modulus of elasticity for the undamaged material. This definition allows a rigorous
correction for the presence of damage, and is valid for every material behaviour. Thus, this
theory is applicable for a very wide range of problems involving a gradual growth of damage.
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Figure 4.3: Strain equivalence principle
4.2.5 Stiffness Degradation
Damage cannot be measured directly, but is related to the stiffness degradation of the material.
If we rewrite (4.5) as
σ = E0 (1− d)  = E˜  (4.6)
with E˜ the stiffness of the damaged material, the damage variable d becomes a measure of
stiffness degradation:
d = 1− E˜
E0
(4.7)
Thus, the elasticity modulus E˜ of the damaged material -which can be measured easily- is an
indicator for the damage state!
4.2.6 Energy Dissipation
Damage mechanics is based on the thermodynamics of irreversible processes [18, 19]. The
thermodynamical state at a given time and point is completely defined by a number of state
variables. Once these state variables are known, the material behaviour is derived from a ther-
modynamical potential. For reversible processes, the state depends solely on the temperature
T and the total deformation . For dissipative processes, this state is also dependent on inter-
nal variables. Damage can be represented by internal state variables. Choosing these damage
variables on a phenomenological basis, is bridging the gap between continuum mechanics and
damage theory.
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For a linear elastic material with an assumed isotropic damage state, the specific free energy
can be written as
W =W (ij , d) (4.8)
with the strain components ij and the damage d as thermodynamical state variables. The
potential function W has a total differential
dW = ∂W
∂ij
dij +
∂W
∂d
dd
= σij dij −Qdd (4.9)
= (1− d) dU −Qdd
with U (ij) the specific elastic energy, and Q the dissipated energy due to damage. In this
work, heat dissipation is neglected. Since damage is an irreversible process,
Qdd > 0 (4.10)
and the damage variable d is monotonically increasing.
4.2.7 Continuum Damage Models
Damage is the gradual deterioration of a material, extending both in size and in time. The
set of mathematical expressions describing this evolution, is called the damage model. The
constitutive equations of the fictitious undamaged material are derived from continuum dam-
age theory. A damage model should be able to predict the time and place of damage onset,
and describe the course of damage growth up to complete fracture. Furthermore, a damage
model has to meet certain requirements, listed here:
• The damage model has to describe the intrinsic material behaviour: it should be for-
mulated independent of geometry, dimensions and boundary conditions.
• Damage is an irreversible process, implying that the damage variables can never de-
crease. Moreover, the energy, absorbed for damage initiation and propagation, is always
positive.
• The damage model should be fit for a wide range of applications, and its formulation
should allow finite element implementation.
A traditional damage model comprises three types of equations:
1. A set of equations, desribing the influence of damage on the mechanical material be-
haviour, for instance
E˜ = E0 (1− d) (4.11)
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2. The constitutive equations of the fictitious material, relating stresses and strains with
damage variables:
σ = σ (, d) (4.12)
3. The damage laws, describing the evolution of the damage variables in terms of mechan-
ical quantities:
d = d (σ, ) (4.13)
In addition to the elastic material properties and the damage variables, a number of model
parameters is introduced. Note that a damage model can account for permanent deformation
due to damage (Fig. 4.4). In fibre reinforced composites, these permanent strains are usually
very small.
Figure 4.4: Positive energy dissipation with and without permanent deformation
4.2.8 Damage Models Review
The ideas and expressions, presented in this chapter, are based on existing continuum damage
models and inspired by other authors. Here, a short review of the pioneering work of Ladeve`ze
and Lemaˆıtre is given. The next section gives an overview of dynamic damage models, which
can be applied for impact simulations. Implemented damage models, available in commercial
finite element solvers, are summarized in § 4.4.
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Ladeve`ze model for matrix cracks
Ladeve`ze proposed a damage model [20] for matrix cracks in composite materials reinforced
with unidirectional carbon fibres. The model does not allow for permanent deformation. The
effect of matrix cracks is represented by a single damage variable d, reducing the stiffness.
Hence, the expression for the stress becomes
σ = E0 (1− d)  (4.14)
The specific elastic energy is given by
U = σ
2
2E0 (1− d) (4.15)
and its time derivative can be written as
U˙ = ∂U
∂σ
σ˙ +
∂U
∂d
d˙ =  σ˙ + Y d˙ (4.16)
The evolution of damage is controlled by
d = sup

〈√
Y − Y0
〉
Y1
 (4.17)
with Y0 and Y1 model parameters, and the McAuley brackets defined as
〈a〉 =
a if a > 00 if a ≤ 0 (4.18)
The relation between stress and damage is expressed by
σ(d) =
√
2E0
[−Y1 d2 + (Y1 − Y0) d+ Y0] (4.19)
Lemaˆıtre model for damaged concrete
Lemaˆıtre developed a model for brittle materials [21] which is very frequently used for simu-
lation of damage in concrete. He proposed a simple damage law
d =
(

f
)s+1
(4.20)
with f the fracture strain and s a model parameter. The expression (4.14) can be rewritten
as
σ(d) = E0 f (1− d) d
1
s+1 (4.21)
Both damage models are compared for GMT40, with the properties listed in Table 3.12 (E0
= 6530 MPa, XT = 75 MPa and T = 2.15 %). For the Ladeve`ze model, the corresponding
parameters are Y0 = 653.6
√
Pa and Y1 = 575.5
√
Pa. The exponent in the Lemaˆıtre damage
law (4.20) is s = 2.985. In Fig. 4.5, the corresponding stress-strain curves and the evolution
of stress (as a function of damage) are shown.
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Figure 4.5: Ladeve`ze and Lemaˆıtre damage laws for GMT40
Conclusions
In the Lemaˆıtre model, damage occurs even for very low stress values, where the Ladeve`ze
model exhibits a treshold stress value for damage onset. Ladeve`ze reaches the maximum
stress for very small damage values, compared to Lemaˆıtre. Both static models have a few
shortcomings if one wants to use them to simulate impact damage in composite materials.
No manipulation of the absorbed energy is allowed, and they cannot account for the effects
of strain rate. The next section discusses the most important dynamic damage models.
4.3 Impact Damage Mechanics
Impact is a higly dynamic phenomenon. Thus, simulating impact damage requires a dynamic
formulation of damage
d˙ = d˙ (σ, , ˙, d) (4.22)
where the current damage state influences the damage growth rate d˙. The constitutive relation
(4.12) now relates the derivatives of stresses, strains and damage:
σ˙ = σ˙
(
, ˙, d, d˙
)
(4.23)
In both expressions (4.22) and (4.23), the influence of the strain rate ˙ is explicitly incorpo-
rated. In this section, the basic dynamic damage models are presented and discussed.
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4.3.1 Kachanov Creep Rupture
Kachanov was the first to describe damage as a scalar field variable. In his famous paper on
brittle creep rupture [22], he introduced the continuity ψ and its complementary quantity,
d = 1− ψ, which acts as a measure of material deterioration. Continuum damage mechanics
was born! Kachanov proposed a damage law
d˙ =
[
σ
A0 (1− d)
]r
(4.24)
with A0 and r material constants related to creep properties.
4.3.2 Rabotnov Damage Law
Rabotnov [16] defined damage as the area of defects devided by the total area, and improved
Kachanovs law (4.24) by introducing a parameter k:
d˙ =
(
σ
A0
)r
(1− d)−k (4.25)
Research on damage mechanics was further elaborated, and the contributions of Chaboche
[21, 23, 24] and Krajcinovic [2, 15, 25] are worth mentioning. The work of Bru¨nig [18, 26, 27]
on metric transformations should not go unnoticed.
4.3.3 Randles and Nemes
The application of the ideas of continuum damage mechanics to anisotropic materials [28],
especially fibre reinforced composites, is a relatively young research topic. A comprehensive
review is found in [29].
Here, the attention is drawn to the model of Randles and Nemes [30, 31], who developed
a rate-dependent material model to predict the dynamic behaviour of composites. Damage
onset is triggered by a treshold value σth, which depends on the amount of damage:
σth = σ0th (1− d) (4.26)
with σ0th the treshold value for the undamaged material. The evolution of damage, describing
matrix cracks, is proposed by
d˙ =

0 if σ ≤ σth[(
σ − σth/σ0th
)]n
η (1− d) if σ > σth
(4.27)
with exponent n > 0 and η the viscosity parameter. The dynamic constitutive equation is
written as
σ˙ = E0 (1− d) ˙− d˙1− d σ (4.28)
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4.3.4 Influence of strain rate
The dynamic damage laws of Kachanov (4.24), Rabotnov (4.25) and Nemes (4.27) can be
integrated for a constant strain rate ˙, together with the constitutive equation (4.28). Again,
the stiffness and strength of the GMT40 composite (E0 = 6530 MPa and A = σth = XT
= 75 MPa) are used in this simulation. Furthermore, the parameter values r = 20 and
k = 17 are chosen for the Kachanov and Rabotnov models, and for the Randles and Nemes
model the exponent and the viscosity parameter are n=2 and η = 50 µs respectively. Fig.
4.6 compares these dynamic damage models for a quasistatic (˙ = 0.01/s) and a dynamic
(˙=100/s) simulation.
Figure 4.6: Quasistatic (˙=0.01/s, left) and dynamic (˙=100/s, right) damage simulation
The Kachanov model describes a clearly brittle behaviour. The material fails almost im-
mediately after the maximum stress is reached. The same failure mode is observed for the
Rabotnov model, although it exhibits a more ductile behaviour. The strain rate has only a
moderate influence on these two models.
The simulated curves for the Randles and Nemes model differ clearly for different strain rates,
from extremely brittle at low strain rates, to a more ductile behaviour under dynamic loading.
The influence of strain rate is more pronounced for higher values of the viscosity parameter η.
Fig. 4.7 shows that this model can succesfully be applied to simulate a strain rate dependent
material response.
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Figure 4.7: Randles and Nemes damage model at different strain rates
Nonetheless, the Randles and Nemes model has a few drawbacks. The use of a treshold stress
value is artificial, and the simulated stress strain curves require σth ≈ XT , where damage
initiation occurs at very low stresses in most fibre reinforced composites. Moreover, the
exponent n has no physical meaning, and the damage law (4.28) is not connected to the
actual governing damage mechanisms. This means that the dynamic models, presented here,
cannot directly be modified for the purposes of this research.
4.4 Continuum Damage in Finite Elements
Although continuum damage mechanics is an emerging field of research and development, the
available numerical tools are still limited. This section gives an overview of damage models
implemented in commercial finite element solvers for impact and crash simulation (PamCrash,
LS-Dyna and Abaqus). Calculation of damage in (quasi)brittle composite materials, such as
GMT, is highlighted.
4.4.1 Crash Performance of Structural GMT Components with PamCrash
The explicit finite element code PamCrash is an application-specific industrial software pack-
age, used to perform realistic and predictive virtual crashworthiness simulations in the trans-
portation industry. Since the first car crash simulation performed in 1983 with a VW Polo,
PamCrash has become the world’s leading crash test simulation software.
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PamCrash is specifically designed to simulate mechanical structural testing and meet in par-
ticular increasingly stringent regulatory crash tests.
PamCrash offers a number of elastic material models to simulate the orthotropic behaviour of
composites, with several discriptions for the strain rate sensitivity:
• Cowper-Symonds
• Johnson-Cook
• Modified Jones law
• Left shifted stress-strain laws
• Krupkowsky strain rate equation
Different failure surfaces can be used:
• Maximum stress and maximum strain
• Equivalent shear strain
• Von Mises and Hill
• Tsai-Wu and Tsai-Hill
• Hoffmann
• Modified Puck
Material type 115 is an isotropic elastic-plastic material model with a Gurson damage law,
based on the evolution of microvoids. The only available damage model for fibre reinforced
composites is implemented as material type 30. In this orthotropic bi-phase model, the effects
of the orthotropic matrix and the one dimensional fibres are superimposed. Different damage
laws can be applied for each phase. Stresses are calculated seperately for each phase, and
damage can propagate independently. The non linear fibre bi-phase model (type 31) is used to
describe highly anisotropic and non linear materials such as honeycomb sandwich structures.
In [32], To¨rnqvist (Quadrant Composites) and Weyenbergh (Valutec) present numerical sim-
ulations for the crash performance of structural components moulded in glass mat reinforced
thermoplastics. They proposed a Johnson-Cook model
σ (, ˙) = σ0 ()
[
1 +
1
p
ln
(
˙
˙0
)]
(4.29)
with ˙0 = 0.005/s and p = 14, to describe the strain rate sensitivity of the GMT material.
The stiffness reduction due to damage growth is expressed as
E˜ = E0 (1− d) (4.30)
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with the damage variable d = d (p) directly related to the plastic strain p. Fig 4.8 compares
the simulation results with experimental accelerations, measured during a drop weight test
where damage initiation occurs. The mass M of the drop weight is 58.2 kg and the initial
velocity vi = 1.8 m/s.
Figure 4.8: Impactor accelerations for a non destructive drop test and simulation [32]
While the calculated acceleration follows the tendency of the experimental curve, the agree-
ment is rather poor, especially when damage is initiated (t > 2 ms). Fig. 4.9 shows the
impactor displacement for a destructive drop test (M = 58.2 kg and vi = 3 m/s). It is clearly
seen that the proposed model (4.29) does not yield good results when a large amount of
damage occurs. The heuristic damage law d = d (p) cannot accurately describe the evolution
of damage, and gives no insight into the actual physical damage mechanisms.
Even the authors themselves [32] admit that “a more accurate analytical formulation and
parameter set” is needed to succesfully simulate the crash performance of structural GMT
components.
4.4.2 Orthotropic Damage Model for Composites in LS-Dyna
LS-Dyna is a general-purpose explicit finite element solver to analyze the dynamic response
of three-dimensional inelastic structures. Its efficient element formulation made this FE code
very popular in the automotive industry. In recent releases, a variety of features to model
orthotropic behaviour and to simulate damage is available:
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Figure 4.9: Impactor displacements for a destructive drop test and simulation [32]
• The enhanced composite failure models type 54 and 55 can be used for abitrary or-
thotropic materials, but are only valid for thin shell elements. The composite behaviour
is assumed linear elastic until failure, and a Chang (type 54) or Tsai-Wu (type 55)
criterion is used to express matrix failure.
• These failure models can be extended to strain rate sensitivity by a Cowper-Symonds
or Johnson-Cook law, which scales the yield stress by a strain rate dependent factor.
• The laminated composite fabric model (type 58) has been developed for unidirectional
composites, but can also be applied for laminates and multi-axial fabric layered com-
posites. Stress factors are used to limit the stress in the softening zone: the damage
value is slightly modified to achieve an elastoplastic like behaviour. This material model
can be extended to strain rate effects (type 158) through a Maxwell model, using linear
viscoelasticity by a convolution integral.
• The plasticity based composite material (type 59) is an elastic-plastic failure model,
where the strength values define a yield surface. An ellipsoidal failure surface, with
axes parallel to the orthotropic directions, can be chosen. This surface is similar to the
Tsai-Wu failure criterion, but it contains coupling terms.
• Material type 82 is an isotropic elastic-plastic model with anisotropic damage. The
damage variable d = d (p) is a non linear function of the plastic strain p. Fracture is
initiated when the accumulation of damage is greater than a critical damage value dc.
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• Material type 96 is an anisotropic brittle damage model, primarily designed for concrete,
though it can be applied to a wide variety of brittle materials. It admits progressive
degradation of tensile and shear strengths across smeared cracks, initiated under tensile
loading. Compressive failure is governed by a Von Mises contour (J2 flow theory).
Damage is handled by treating the fourth order elastic stiffness tensor as an evolving
internal variable for the material. A simple Perzyna regularisation method can include
first order rate effects.
• In material type 120, the Gurson damage law (based on the evolution of microvoids)
is implemented. As in type 82, fracture is initiated when the accumulation of damage
satisfies d > dc.
• The isotropic smeared crack material (type 131) offers three methods to model progres-
sive failure. The maximum principal stress criterion detects failure if σ > σmax. The
smeared crack model with linear softening uses equivalent uniaxial strains ˜j . The ulti-
mate strain ˜max is obtained by relating the crack growth energy to the energy release
rate. The third damage model describes stiffness degradation, governed by a scalar
damage variable d = d ().
• Material type 161, developed by the Material Sciences Corporation, can describe pro-
gressive failure for composites consisting of unidirectional and woven fabric layers. For
fibre failure, three generalized Hashin criteria (in terms of quadratic stress forms) are
used: tension/shear, compression and crushing under pressure. To model matrix dam-
age, a transverse failure criterion and a delamination mode are defined. Thus, this
model can effectively simulate fibre failure, matrix damage and delamination behaviour
under opening, closure and sliding surfaces. The effect of strain rate can be included
by introducing strain rate dependent functions for the strength values.
• Material type 161 is extended to a damage model (type 162) by converting the failure
criteria fi for fibre and matrix to damage functions di = di (fi). These damage func-
tions reduce the elastic moduli, and account for the overall non linear response of the
laminate, including the initial hardening and the subsequent softening beyond the ulti-
mate strengths. Here, the effect of strain rate can be modelled by strain rate dependent
functions for the elastic moduli.
More details about the merits and limits of these damage models can be found in [33–35].
The ability of some of these damage models to describe the impact behaviour of a GMT
composite, is evaluated in [36]. The assumption of linear elastic behaviour in material types 54
and 55 is not corresponding to the experimental results. However, all simulations suffer mesh
dependency problems due to softening. Material model 58 has more parameters influencing
the shape of the stress/strain curve, and a better agreement with experimental data was
reported.
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Damage in GMT can be predicted with the progressive degraded stiffness tensor of material
type 96. This model only allows the use of solid elements, which makes it not suitable to
simulate the impact respons of full-scale vehicle structures. Hence, Wang [37, 38] developed
a new GMT damage model for shell elements, that is able to describe the softening and to
reduce mesh dependency. The model uses Hashin failure criteria, in which the fibre and
matrix failures are described explicitly, both in tension and compression. For fibre failure,
f1 =
(σ11
X
)2 − 1 (4.31)
with XT = X = XC , while the matrix modes are described by
f2 =
(σ22
Y
)2 − 1 (4.32)
with YT = Y = YC . Note that these criteria have a complete decoupling from the shear failure
f12 =
(
σ12
τ12
)2
− 1 (4.33)
so the failure criteria f1 and f2 might overestimate the strength when shear is present. Dam-
age occurs when one of the Hashin criteria (fi ≥ 0) is satisfied. The corresponding damage
variables di are updated, and reduce the elastic constants corresponding to [39]
C˜ =
1
φ
 (1− d1)E11 (1− d1) (1− d2) ν21E22 0(1− d1) (1− d2) ν12E11 (1− d2)E22 0
0 0 (1− d12) φG12
 (4.34)
with
φ = 1− (1− d1) (1− d2) ν12 ν21 (4.35)
To reduce mesh sensitivity, an embedded discontinuous element is proposed. The element is
divided into an elastic zone and a (damaged) localization zone. The equivalence is preserved by
constraining the kinematics and equilibrium equations. Since the damage zone is introduced
into the element, the corresponding dissipated energy due to damage is fixed, independent of
the element size. Therefore, mesh dependency with respect to dissipated energy is removed.
Fig. 4.10 shows the predicted load/deflection curves for a drop weight test on a GMT impact
beam. The total mass of the aluminium impactor was 778 kg, with an initial velocity vi =
2.3 m/s. The LS-Dyna material model type 58 can describe the shape of the curve until the
onset of failure. It is observed that the new user-defined damage model captures the softening
range better than the material type 58. However, the choice to apply Hashin criteria (which
are developed for unidirectional reinforced composites) to simulate the behaviour of randomly
reinforced GMT is rather artificial. Furthermore, the embedded element formulation leads to
a cumbersome damage update, and limits the use of this damage model.
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Figure 4.10: Simulated force/deflection curves for a drop weight test on a GMT impact beam
4.4.3 Damaged Concrete in Abaqus Explicit
Abaqus is the world’s leading provider of software for advanced finite element analysis in
engineering. Their Abaqus Explicit code is suited for the solution of complex non linear dy-
namic problems, especially those involving impact and other highly discontinuous phenomena.
Recently, improved tools and utilities for crash and impact simulations were developed and
implemented, resulting in a growing interest and commitment from the automotive industry.
In Abaqus Explicit, the orthotropic behaviour of composite materials can be combined with
a number of failure criteria:
• Maximum stress and maximum strain
• Von Mises and Hill
• Tsai-Wu, Tsai-Hill and Azzi-Tsai-Hill
To account for the effect of strain rate, a Johnson-Cook model can be applied. A number of
fairly simple fracture models is implemented, mainly for the simulation of isotropic damage
in metals:
• Ductile damage laws, based on equivalent plastic strain
• Maximum shear stress failure models
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• Metal plasticity with anisotropic yield
• Extended Drucker-Prager models
• Forming Limit Diagrams to simulate localized necking of sheet metals
• Marciniak-Kuczynski analysis for the numerical prediction of localized thinning
Currently, the only available material model capable of simulating impact damage in quasi-
brittle materials such as GMT, is the inelastic constitutive model for concrete [40]. Damage
associated with the failure mechanisms of concrete (cracking and crushing) results in a re-
duction of the elastic stiffness. This stiffness degradation is assumed isotropic, and described
by a single damage variable d = d (σ˜, ˜p). Microcracking and crushing are represented by
increasing values of the hardening variables ˜p. These variables are intimately related to the
dissipated fracture energy required to generate microcracks, and control the evolution of a
yield surface F (σ˜, ˜p), proposed by Lubliner [41]. The evolution of the hardening variables is
expressed as
d˜p
dt
= Ψ(σ˜, ˜p) ˙p (4.36)
with ˙p the plastic strain rate, and the functions Ψ for general multiaxial stress conditions
defined by Lee and Fenves [42]. Fig. 4.11 shows the predicted velocity history for experiment
GMT40 B06 when impact on GMT is simulated with this damage model.
Figure 4.11: Impactor velocity histories for GMT40B06
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Although some stiffness reduction can be observed, it is clearly seen that the behaviour of
GMT (with XT ≈ XC) cannot be described accurately with a damage model, primarily
designed for concrete (where XT  XC). Moreover, this model cannot simulate the explosive
damage growth under highly dynamic loading.
The emerging capabilities to simulate failure and fracture, announced in future Abaqus re-
leases, prove that the need for damage modelling of fibre reinforced composite materials is
not yet fully addressed. In this work, the impact damage model developed by Dechaene and
Leus [1, 43], shall be implemented (with a few minor modifications) in finite elements to
simulate the dynamic behaviour of GMT.
4.5 Impact Damage Model
The damage model was developed by Dechaene [43, 44] and implemented in LS-Dyna by Leus
to simulate impact damage in composite materials with randomly oriented reinforcement [1].
Stiffness reduction (§ 4.5.1), a dynamic constitutive equation (§ 4.5.2) and the cumulative
damage law (§ 4.5.3) are outlined for a one dimensional stress situation. Energy dissipation
and permanent deformation are briefly discussed in § 4.5.4. The introduction of all stress
components σi is obtained through a properly chosen fracture criterion (§ 4.5.5) that reflects
the actual multiaxial stress state.
4.5.1 Stiffness Reduction
Phenomenological models relate the effect of damage, represented by the internal variables
dj , to a reduction of the elastic constants Cj :
Cj = C0j
1−∑
j
αjdj
 with n∑
j=1
αj = 1 (4.37)
where C0j are the properties of the sound material. The values for the coefficients αj can be
estimated by micromechanical analysis, the application of mixture rules or the Halpin-Tsai
equations [45].
The distributed damage in GMT composites, with randomly oriented glass fibres, is repre-
sented by a single scalar variable d. For a one dimensional stress state, the stiffness degrada-
tion (4.37) reduces to
E˜ = E0 (1− d) (4.38)
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4.5.2 Dynamic Constitutive Equation
For impact simulations, a dynamic stress/strain relation of type (4.23) is proposed:
σ˙ =
d
dt
[E0 (1− d) ]
= E0 (1− d) ˙− E0  d˙ (4.39)
= E˜ ˙− σ
1− d d˙
This equation describes the combined effects of strain rate and damage growth. The con-
tributions of both terms in (4.40) for a strain increment ∆ = ˙∆t are shown in Fig. 4.12.
The first term is caused by a change of strain, while the second is due to the damage growth,
reducing the stiffness of the material.
Figure 4.12: Constitutive relation between stress, strain and damage
The development of damage can be accompanied by a small permanent strain, which is
intimately linked with the damage process, but is quite different from a global plastic strain
or creep deformation. We can introduce a factor C1 > 1
σ˙ = E˜ ˙− C1 σ1− d d˙ (4.40)
which accounts for the permanent deformation. Moreover, C1 has a pronounced effect on the
energy dissipated during damage growth [43, 44].
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A thermoplastic matrix, like polypropylene, exhibits viscoelastic behaviour, even under im-
pact loading [46]. The strain then can be calculated from the stress history [47] as
(t) = J(0)σ(t) +
t∫
0
J ′ (t− τ) σ(τ) dτ 0 ≤ τ ≤ t (4.41)
where J(t) is the creep function. Since the impact duration is very short, we can approximate
J(t) as a power series:
J(t) ≈ J(0) + C t (4.42)
and the time derivative simplifies to
J ′ (t− τ) = ∂
∂t
J (t− τ) = C (4.43)
so (4.41) yields
(t) = J(0)σ(t) + C
t∫
0
σ(τ) dτ (4.44)
and, hence,
d
dt
= J(0)
dσ
dt
+ C σ(t) (4.45)
This is the expression of the strain rate in the Maxwell model depicted in Fig. 4.13.
Figure 4.13: Maxwell model, a spring and a dashpot in series
Therefore, the dynamic stress/strain relation for such a viscoelastic system can be written as
dσ
dt
=
1
J(0)
d
dt
− C
J(0)
σ(t) (4.46)
The constitutive equation can be extended with the occurance of damage if (4.40) is taken
into account. Since 1/J(0) is the immediate elastic response, we can write
σ˙ = E˜ ˙− C1 σ1− d d˙−
C
J(0)
σ (4.47)
and the dynamic constitutive equation for a one dimensional stress situation reads
σ˙ = E˜ ˙− C1 σ1− d d˙− C2 σ (4.48)
where C2 = C/J(0).
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4.5.3 Cumulative Damage Law
The development of damage can, in general, take place in two stages: stable initiation and
unstable growth [1, 43]. In the stable nucleation stage, minute cracks emerge under impact
loading. As the stress increases, more cracks are formed. In the unstable propagation stage,
the size of the cracks grows and an equilibrium between stress and damage is only possible
under decreasing stress. Thus, the damage growth rate (4.22) can be expressed as
d˙ = φ1 (σ, , ˙, d) + φ2 (σ, , ˙, d) (4.49)
where the expressions for nucleation φ1 and propagation φ2 are presented in this section.
Stable Nucleation of Damage
Based on statistical considerations [48, 49], a static equilibrium between stress and damage
can be derived. A Weibull distribution is proposed as a probability function F for the failure
of fibres:
F (σ) = 1− exp
[
−
(
σ
XT
)β ]
(4.50)
where the parameter β controls the variation on the tensile strength XT . For frequently used
fibres, this scatter in mechanical properties is limited by [50]
3 ≤ β ≤ 12 (4.51)
Fig. 4.14 shows the influence of this Weibull parameter β on the probability function F (σ)
for XT = 75 MPa. The inverse relationship is given by
σ(F ) = XT [− ln (1− F )]1/β (4.52)
= XT F 1/β
1 + ∞∑
j=1
αjF
j
 (4.53)
≈ XT F 1/β
(
1 + α1 F + α2 F 2 + α3 F 3 + α4 F 4
)
(4.54)
with
β α1 =
1
2
β α2 =
1
3
+
1− β
8β
β α3 =
1
4
+
1− β
6β
(
1 +
1− 2β
8β
)
β α4 =
1
5
+
1− β
8β
[
13
9
+
1− 2β
3β
(
1 +
1− 3β
16β
)]
The values for these coefficients αj are listed in Table 4.1.
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Figure 4.14: Weibull probability function F (σ/XT ) for 3 ≤ β ≤ 12
It is clearly seen that these values αj are very small, and the series (4.53) converges rapidly.
Fig. 4.15 compares the exact function F (σ), expressed in (4.52), with the approximated
formula (4.54), for αi = 0,
σ(F ) ≈ XT F 1/β (4.55)
β α1 α2 α3 α4
3 0.1667 0.08333 0.05401 0.03940
4 0.1250 0.0599 0.03808 0.02747
5 0.1000 0.04667 0.02933 0.02101
6 0.0833 0.03819 0.02382 0.01699
7 0.0714 0.03231 0.02004 0.01425
8 0.0625 0.02799 0.01729 0.01226
9 0.0555 0.02469 0.01520 0.01076
10 0.0500 0.02208 0.01356 0.00958
11 0.0454 0.01997 0.01224 0.00786
12 0.0416 0.01823 0.01115 0.00457
Table 4.1: Coefficients αj for 3 ≤ β ≤ 12
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Figure 4.15: Exact and approximated inverse Weibull probability function
It is shown that the approximation is valid for small values of F . As the stiffness reduction
of a fibre reinforced composite material is proportional with the number of broken fibres, we
can introduce the damage variable as the probability of failure:
σ = XT d1/β
1 + ∞∑
j=1
αj d
j
 (4.56)
For damage initiation (i.e. small values of d), this expression yields a static equilibrium
between stress and damage
σ −XT d1/β = 0 (4.57)
Dynamic loading introduces a time lag between stress and damage: a very short stress pulse
can be borne without fracture, even if the stress has been in excess of the fracture stress
under static loading. Furthermore, the onset of damage is driven by the elastic energy, so the
expression φ1 for dynamic damage initiation takes the form
d˙ = C3
〈(
σ
C4
)2
− d 2C5
〉
(4.58)
where C4 acts as a treshold value for the stress. The expression between McAuley brackets
is either positive or zero, because damage is an irreversible process. The rate of damage is
dependent on the stress level. This introduces the time lag between stress and damage, which
implies the effect of the rate of loading. In equilibrium (d˙ = 0 for σ > 0), the stress is related
to the damage through
σ
C4
= dC5 (4.59)
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The dimensionless stress σ/C4 is shown in Fig. 4.16 for different values of C2 = 1/β.
Figure 4.16: Static equilibrium between stress and damage
Unstable Propagation of Damage
The propagation term
φ2 = φ2 (σ, , ˙, d) (4.60)
describes the influence of (already induced) damage on the damage growth. The expression
is proposed in [1, 43] and derived in this section. Fig. 4.17 depicts a material volume V , with
the presence of a crack with area Ω.
Figure 4.17: Stress concentration due to crack initiation
Due to this initial damage, there is a local stress concentration in a volume V1 proportional
with the crack length:
V1 = αΩ3/2 (4.61)
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The total elastic energy in V can be written as
U = σ
2
2E
+ λ
σ2
2E
V1
=
σ2
2E
V
(
1 + λ
V
V1
)
(4.62)
=
σ2
2E
V
(
1 + αλ
Ω3/2
V
)
while, at the same time,
U = σ
2
2E (1− d) V (4.63)
Thus, the damage variable can be calculated as
d = 1− 1
1 + αλ
Ω3/2
V
≈ αλ Ω
3/2
V
(4.64)
For n independent cracks is
d ≈ nαλ Ω
3/2
V
(4.65)
and the time derivative
d˙ = n˙ α λ
Ω3/2
V
+ nαλ
3
2
Ω1/2
V
dΩ
dt
(4.66)
The first term represents the initiation of new cracks. The second term describes the damage
growth:
d˙ =
3
2
(
nαλ
Ω3/2
V
)
1
Ω
dΩ
dt
=
3
2
d
1
Ω
dΩ
dt
(4.67)
where
dΩ
dt
is
• inversely proportional to the critical strain energy release rate Gc
• proportional to the elastic energy that can become available, i.e. the augmented energy
in V1 divided by the time of flight
Thus,
dΩ
dt
=
1
Gc
λ
σ2
2E
V1
c
V
1/3
1
=
c λ
Gc
σ2
2E
V
2/3
1 (4.68)
=
c λ
Gc
σ2
2E
α2/3Ω
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with c the wave propagation velocity. Substitution in (4.67) yields
d˙ =
3
2
d
1
Ω
dΩ
dt
=
3
2
d
c λ
Gc
σ2
2E
α2/3 (4.69)
=
(
3
2
c λ
Gc
α2/3
)
d
σ2
2E
= γ d
σ2
2E
(4.70)
with γ a constant factor. To account for the interaction of different cracks, the effective stress
σ˜ is introduced:
d˙ = γ d
σ˜2
2E
= γ d
σ2
2E (1− d)2 (4.71)
Damage growth requires a certain amount of elastic energy. For a treshold value
Eth =
σ20
2E
(4.72)
the damage growth is given by
d˙ = γ d
〈
σ2
2E (1− d)2 −
σ20
2E
〉
(4.73)
and the function φ2, proposed for damage propagation, can be written as
d˙ = C6 d
〈(
σ
C7 (1− d)
)2
− 1
〉
(4.74)
The presence of the factor d in (4.74) proves that damage growth increases with the amount
of induced damage, and gives rise to an instable propagation process. For an extremely slow
process, the equilibrium curve
σ
C7
= 1− d (4.75)
is found. This expression is compared with (4.59) for damage initiation on Fig. 4.18, with
C4 = XT = C7 and C5 = 1/7. For a one dimensional stress state, the cumulative damage
law (4.49), comprising the intitiation term (4.58) and propagation term (4.74), finally yields
d˙ = C3
〈(
σ
C4
)2
− d 2C5
〉
+ C6 d
〈(
σ
C7 (1− d)
)2
− 1
〉
(4.76)
4.5.4 Energy Dissipation
The available specific energy in a deformation process is given by
Wel =
∫
σ d (4.77)
and the specific dissipated power equals
W˙d = σ˙− ddt
(
σ2
2 E˜
)
= σ˙− d
dt
(
σ2
2E0 (1− d)
)
(4.78)
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Figure 4.18: Dynamic equilibrium between stress and damage
and, with (4.40),
W˙d = σ˙− σ
E0 (1− d) σ˙ −
σ2
2E0
d˙
(1− d)2
= σ˙− σ˙+ C1 σ
2
E0 (1− d)2
d˙− σ
2
2E0
d˙
(1− d)2 (4.79)
=
(
C1 − 12
)
σ2
E0 (1− d)2
d˙
A positive energy dissipation W˙d > 0 requires C1 > 1/2. This condition is always satisfied,
since the growth of permanent strain
˙p = ˙− ddt
(
σ
E0 (1− d)
)
= (C1 − 1) σ
E0 (1− d)2
d˙ (4.80)
implies C1 > 1.
4.5.5 Multiaxial Stress State
The impact damage model (4.38), (4.48), and (4.76) has been outlined for a one dimensional
stress situation. The introduction of all components of the stress tensor can be obtained
through a properly chosen failure criterion Σ = Σ (σi), that reflects the actual multiaxial
stress state.
In [1], the most commonly used failure critera for transversely isotropic materials are studied
in detail. Although these criteria undoubtedly have their merits, they require exact data
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for all strength values (Tsai-Wu, Tsai-Hill), or even introduce new model parameters (Azzi-
Tsai-Hill). Moreover, some purpose-designed formulations (Norris, Greszczuk, Goldenblat,
Kopnov) are poorly documented and cumbersome to implement.
In this work, a more pragmatic approach is pursued, and the normalised equivalent stress
(3.14) is chosen:
Σ2 (σi) =
(σ11 − σ22)2 + (σ22 − σ33)2 + (σ33 − σ11)2 + 6
(
σ212 + σ
2
23 + σ
2
31
)
2X2T
(4.81)
This positive, semidefinite criterion varies from 0 (stressless state) to 1 (fracture), and can be
considered as a measure for the intensity of stress. Thus, Σ can replace σ in (4.48). This three
dimensional model now relates the effect of damage to a reduction of all elastic constants C˜ij :
C˜ij = C0ij (1− d) (4.82)
with C0ij the initial material stiffnesses. The internal damage variable d can vary from 0
(sound material) to 1 (complete degradation), and is controlled by the cumulative damage
law
d˙ = C3
〈(
Σ
C4
)2
− d 2C5
〉
+ C6 d
〈(
Σ
C7 (1− d)
)2
− 1
〉
(4.83)
As mentioned in section 4.5.3, the development of damage is considered to take place in two
stages: stable nucleation and unstable growth. The stress/strain relation is written as a
dynamic expression
σ˙i = C˜ij ˙j − C1 σi d˙1− d + C2 σi (4.84)
which accounts for the effects of strain rate, permanent deformation, damage growth and
visco-elasticity. The model parameters Cj (j = 1..7) are calibrated by comparing simulations
at different impact velocities with the corresponding experimental results, until satisfactory
agreement is obtained for the whole range of velocities. This calibration is based on an
iterative process, explained in the next section.
4.6 Material Model Calibration
4.6.1 Nonlinear Optimization Problem
The impact damage model (4.82) - (4.84) is implemented in Abaqus Explicit by a VUMAT
user subroutine, written in Fortran. The model parameters Cj (j = 1..7) are calibrated by
comparing experimental velocity histories with the curves, predicted by impact simulations.
This requires an iterative solution for this nonlinear, multi dimensional optimization problem.
A number of specific tools and utilities, employing various numerical algorithms, is available
to solve this type of problems:
104
Chapter 4. Damage Modelling of Impact on Fibre Reinforced Thermoplastics
• In [51], Lu applies a Kalman filter finite element method to evaluate the impact-induced
damage model constants for composite materials. An E-group Kalman filter is described
within a probabilistic framework. This Kalman filter is an optimal recursive algorithm,
based on time domain formulations, using process measurements to estimate and predict
the state of a system. To calculate the Kalman gain matrix, the material sensitivities
are computed by a perturbation method. The Kalman filter can be combined with any
finite element code to evaluate material constants.
• The Optimus software offers an integrated set of powerful capabilities for structural
design optimization [52]. It can be linked to any simulation code, and applied for
parameter identification as well. Optimus provides state-of-the-art algorithms (such
as sequential quadratic programming, self-adaptive evolution, simulating annealing, ...)
for solving general constrained optimization problems. These algorithms require the
definition of an objective function, bounds for the input parameters and -if needed- a
set of constraints on the outputs.
• HyperStudy is a parametric study and multi-disciplinary optimization tool for robust
product design [53]. It is specifically developed for design of experiments, stochastic
simulations and optimization techniques. HyperStudy is integrated with the Altair
HyperWorks software suite, but can be linked with any finite element solver. Thus,
it provides the capability to directly parameterize a broad range of finite element and
multi-body dynamic models. The comprehensive optimization algorithms include se-
quentiel response surface computations and methods of feasible directions.
• LS-Opt is the graphical optimization tool that interfaces with LS-Dyna, but can be
linked to any simulation code [54]. It allows the user to explore the design space, and
compute optimal designs according to specified constraints and objectives. The program
is also suited for the solution of system identification problems. LS-Opt is based on
the successive response surface method, a statistical algorithm for constructing smooth
approximations to functions in a multi dimensional space. Rather than relying on local
information (such as a gradient only), the response surface method selects solutions that
are optimally distributed throughout the design space.
• Abaqus supports parametric study through Python scripting [55]. The design sensitivity
analysis capability provides the derivatives of certain output variables with respect to
specified design parameters. However, Abaqus does not allow parameter identification
or optimization techniques.
• The work of Chris Fremgen (at IVW Kaiserslautern) on calibration of material models
[56] should be highlighted. Fremgen developed a CalibrationTool for Abaqus, that
allows iterative optimization of material model parameters. An objective function,
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defined as a weighted sum of error functions, is minimized by controlling the parameters
in the input file. Different numerical optimization algorithms (Fletcher-Rieves, Nelder-
Mead, Polak-Ribiere,...) are available.
• ODRPACK, a software package for weighted orthogonal distance regression [57], can be
used to find the parameters that minimize the sum of the (squared weighted orthogo-
nal) distances from a set of observations to the curve or surface determined by these
parameters. It can also be used to solve nonlinear ordinary least squares problems.
The procedure has application to curve and surface fitting, and to measurement error
models in statistics. ODRPACK can handle both explicit and implicit models, and will
easily accommodate complex and other types of multiresponse data. The algorithm im-
plemented is an efficient and stable trust region Levenberg-Marquardt procedure. The
package allows a general weighting scheme, provides for finite difference derivatives, and
contains extensive error checking and report generating facilities.
While all these tools claim the capability of parameter optimization, the implementation of
algorithms for coupled problems, formulated as differential equations, is not straightforward.
Here, an intelligent method for the calibration of the model parameters Cj is presented. First,
it is proven that a static tensile test can provide the optimal values for C1, C4 and C5. Then,
the parameter C3, proportional with damage initiation, is calibrated by performing quasi-
elastic impact simulations. The value for C7 then can be found by expressing an equilibrium
between damage initiation and damage propagation. Finally, the parameter C6, proportional
with damage propagation, is calibrated by performing dynamic impact simulations. Due to
confidentiality issues, however, the exact values for the calibrated model parameters cannot
be disclosed [58].
4.6.2 Static Calibration
For a uniaxial tensile test, the stress criterion (4.81) reduces to
Σ =
σ1
XT
(4.85)
In a quasistatic test (d˙ ≈ 0), the equilibrium (4.59) between stress and damage onset then
states
σ1
XT
= C4 dC5 (4.86)
Substitution of the time derivative
σ˙1 = XT C4C5 dC5−1 d˙ (4.87)
in (4.84), assuming that viscoelastic effects are not pronounced (C2  1), yields
XT C4 d
C5−1
(
C5 + C1
d
1− d
)
d˙ = E1 (1− d) ˙1 (4.88)
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and, hence,
d1
dd
=
XT C4
E1
dC5−1
(1− d)2 [C1 d+ C5 (1− d)] (4.89)
After integration, the uniaxial strain 1 can be written as a series in the damage variable d:
1(d) =
XT C4
E1
∞∑
n=0
(
C5 + nC1
C5 + n
dC5+n
)
(4.90)
After substitution of (4.86), the stress/strain curve for a static tensile test can be described
as
1(σ1) =
XT C4
E1
∞∑
n=0
C5 + nC1
C5 + n
(
σ
XT C4
)C5 + n
C5
 (4.91)
This expression thus provides a means of calibrating the parameters C1, C4 and C5 by fitting
the stress/strain curves obtained by static tensile testing (section 3.1.2). Since the sensitivity
of the parameter C1, controlling permanent strain and energy dissipation, is rather small
under these conditions [1], a judicious value was chosen. The optimal values of C4 and C5
are obtained by a least squares procedure. Fig. 4.19 shows this curve fitting for experiment
GMT40 C01, with E1 = 6262.6 MPa and XT = 72.2 MPa. Fig. 4.20 shows the curve fitting
for the tensile tests GMT40 C02 and GMT40 C03 respectively.
Figure 4.19: Static calibration of tensile test GMT40 C01
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Figure 4.20: Static calibration of tensile test GMT40 C02 (left) and GMT40 C03 (right)
The corresponding optimal values, hidden in Table 4.2, are subject to a secrecy agreement [58].
E1 XT C1 C4 C5
[MPa] [MPa] [-] [-] [-]
GMT40 C01 6262.6 72.2 ? ? ?
GMT40 C02 6664.2 78.1 ? ? ?
GMT40 C03 6657.3 74.0 ? ? ?
Mean 6528 74.7 • • •
Table 4.2: Optimal values for C1, C4 and C5 through static calibration
4.6.3 Quasi-Elastic Calibration
The damage initiation term
d˙ = C3
〈(
Σ
C4
)2
− d 2C5
〉
(4.92)
now has only one, decoupled, parameter C3 left to calibrate. We can isolate the influence of
C3 by simulating the experiments of section 3.2.3, where only damage initiation occurs. A
nonlinear least squares procedure is applied to optimize this parameter. The target function
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is the sum of the square of the differences between the predicted and measured impactor ve-
locities. The ODRPACK routines are used to compare the experimental and simulated impactor
velocity histories. A master program (Optimize) is written to call the Abaqus Explicit
finite element code successively, until a minimum of the target function is found. Fig. 4.22
shows a flowchart of the Optimize master routine.
In Fig. 4.21, experiment and elastic simulation (cfr. Fig. 3.45) are compared with a calcula-
tion where damage onset (4.92) is taken into account. The initial impactor velocity is vi =
5.42 m/s, but the optimal value for C3 is masked for reasons of confidentiality [58].
Figure 4.21: Elastic simulation vs. damage initation for experiment GMT40 B03
Fig. 4.23 shows the corresponding results for experiments GMT40 B04 and GMT40 B10
respectively. The resulting parameter values are hidden in Table 4.3.
vi vf C3
[m/s] [m/s] [1/s]
GMT40 B03 5.42 -4.08 ?
GMT40 B04 5.72 -3.72 ?
GMT40 B10 5.10 -4.02 ?
Mean •
Table 4.3: Optimal values for C3 through quasi-elastic calibration
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Figure 4.22: Flowchart of the Optimize master routine
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Figure 4.23: Quasi-elastic calibration for GMT40 B04 (left) and GMT40 B10 (right)
4.6.4 Dynamic Calibration
Fig. 4.24 shows the predicted impactor velocity history for experiment GMT40 B06, when
the optimized values for damage initiation are taken into account. As stated in section 3.2.3,
it is clearly seen that important damage occurs for higher initial velocities, and the impact
behaviour can be described accurately only when the cumulative damage law
d˙ = C3
〈(
Σ
C4
)2
− d 2C5
〉
+ C6 d
〈(
Σ
C7 (1− d)
)2
− 1
〉
(4.93)
is implemented. Therefore, the model parameters C6 and C7 still have to be optimized.
In a quasistatic tensile test, the equilibrium between stress and damage is expressed as
Σ
C4
= dC5 (4.94)
for damage initiation, and
Σ
C7
= 1− d (4.95)
for damage propagation. These equations are plotted in Fig. 4.18. The intersection corre-
sponds with the maximum stress σmax = XT during a static tensile test. Hence, C7 can be
written as an analytical function of C4 and C5:
C7 =
1
1−
(
1
C4
)1/C5 (4.96)
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Figure 4.24: Elastic simulation vs. damage initation for experiment GMT40 B06
Fig. 4.25 shows the equilibrium between stress and damage for GMT40, where XT = 75 MPa,
and the curves intersect at (ds , XT ).
Figure 4.25: Equilibrium between stress and damage for GMT40
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Finally, the parameter C6 is optimized, by simulating the impact experiments at higher intial
velocities, described in section 3.2.3. Again, the iterative Optimize procedure, schematically
presented in Fig. 4.22 is applied. The predicted impactor velocity history for experiment
GMT40 B06, with the optimized value for C6, is depicted in Fig. 4.26.
Figure 4.26: Elastic simulation vs. damage model for experiment GMT40 B06
Fig. 4.27 shows the corresponding results for experiments GMT40 B17 and GMT40 B18
respectively. The resulting parameter values are hidden in Table 4.4.
vi vf C6
[m/s] [m/s] [1/s]
GMT40 B06 7.50 -4.28 ?
GMT40 B17 6.84 -4.49 ?
GMT40 B18 10.6 -4.47 ?
Mean •
Table 4.4: Optimal values for C6 through dynamic calibration
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Figure 4.27: Dynamic calibration for GMT40 B17 (left) and GMT40 B18 (right)
4.7 Impact Damage Simulation
The calibrated material model can successfully predict the impact behaviour of fibre reinforced
composite materials. As a reminder, the governing equations are printed explicitly. The
dynamic constitutive relationship (4.84) relates the derivatives of stress, strain and damage:
σ˙i = C˜ij ˙j − C1 σi d˙1− d + C2 σi (4.97)
in which the damage growth d˙ is driven by a stable initiation and an unstable propagation
term:
d˙ = C3
〈(
Σ
C4
)2
− d 2C5
〉
+ C6 d
〈(
Σ
C7 (1− d)
)2
− 1
〉
(4.98)
The multiaxial stress state is represented as Σ = Σ(σi). The damage variable d varies from 0
(sound material) to 1 (complete degradation), and reduces the elastic constants according to
C˜ij = C0ij (1− d) (4.99)
The optimal parameter values, applied in all numerical simulations, are hidden in Table 4.5.
A thorough and in-depth study of this material model can be found in [1], where a detailed
(static, dynamic, dimensionless and sensitivity) analysis is made. In this section, the most
important issues are highlighted.
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ρ 1200 kg/m3
E1 = E2 6530 MPa
E3 2260 MPa
ν12 0.356
ν13 = ν23 0.342
G13 = G23 761 MPa
XT 75 MPa
C1 ?
C2 ? 1/s
C3 ? 1/s
C4 ?
C5 ?
C6 ? 1/s
C7 ?
Table 4.5: Impact damage parameters
After a brief discussion on strain rate dependency, a short sensitivity analysis is presented.
A number of impact experiments, with a broad range of initial velocities, is then simulated
with a single set of model parameters. The versatility and robustness of the impact damage
model is clearly demonstrated. Structural validation on large scale components is presented
in Chapter 8.
4.7.1 Strain Rate Dependency
The dynamic constitutive equation (4.97) can be integrated for a constant strain rate ˙,
together with the damage law (4.98). Fig. 4.28 shows the stress/strain curves for different
strain rates. At very low deformation rates (˙ ≈ 0), the quasistatic tensile curve is found. For
higher rates of strain, the maximum stress and strain values increase, as does the absorbed
energy. The impact damage model thus addresses the need formulated in section 4.3.4.
4.7.2 Sensitivity Analysis
The sensitivity of the damage model for changes in the parameters Cj is presented here. A
uniaxial tensile test is simulated at different strain rates, with the calibrated model param-
eters listed in Table 4.5. Then, the influence of a 10 % change in one of the parameters is
investigated by calculating the difference between the calibrated and the modified curve:
e (∆Ci) =
1
X2T
∑
j=1
N
(
σrefj − σsimj
)2
(4.100)
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Figure 4.28: Impact damage model at different strain rates
The results are shown in Fig. 4.29. Note that C1 has a marked influence, independent on
the strain rate. The influence of C4 and C5, obtained by fitting experimental tensile tests, is
negligible under dynamic loading. This sensitivity analysis also proves that the calibration of
C3 and C6 can be decoupled indeed. A more detailed discussion is found in [1].
Figure 4.29: Sensitivity analysis for ∆Ci = 10%
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4.7.3 Transverse Impact Simulations
A number of transverse impact experiments, with a broad range of initial velocities, is simu-
lated with the calibrated damage model constants, listed in Table 4.5. The results, presented
in this section, advocate the versatility of the impact damage model (4.97) - (4.99).
Experiment GMT40 B15
In the experiment GMT40 B15, with initial impactor velocity vi = 6.14 m/s, impact damage
is initiated (cfr. Fig 3.32). The velocity history, predicted by the impact damage model, is
compared to the experimental curve in Fig. 4.30. The simulated velocity profile corresponds
very well with the experimental data. The corresponding damage state is shown as well: note
the onset of damage in the vicinity of the clamps, and around the impact zone.
Figure 4.30: Elastic simulation vs. damage model for experiment GMT40 B15
The progressive nucleation of damage during impact is presented in Fig. 4.31: here, the
damage distribution for a quarter of a specimen is shown for every increment ∆ t = 0.25 ms.
The total duration of the impact simulation is t = 2.5 ms. The first damage initiation occurs
at the impact zone, but is confined to a small zone under the impactor nose. Relatively low
damage is observed where the specimen is clamped.
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Figure 4.31: Progressive initiation of damage
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Experiment GMT40 B07
In experiment GMT40 B07, with vi = 6.38 m/s, both the initiation term φ1 and the propa-
gation term φ2 contribute to the damage growth (4.98). Fig. 4.32 shows the damage accu-
mulation at the impact zone.
Figure 4.32: Contribution of initiation and propagation to the damage state around the impact zone
The corresponding velocity profiles (cfr. Fig. 3.34) are presented in Fig. 4.33. Again,
very good agreement between simulation and experiment is observed. The propagation term
influences the damage state around the impact zone, while the damage around the clamps
remains small.
Experiment GMT40 B19
The initial impactor velocity for experiment GMT40 B09 is vi = 9.0 m/s, and quite some
damage is inflicted around the impact zone. The damage state, predicted by the impact
damage model, supports the post mortem observations of Fig. 3.36. Moreover, the simulated
velocity profile, shown in Fig. 4.34, corresponds closely to the experimental curve.
The finite element simulation of the entire experiment GMT40 B19 is presented in Fig. 4.35.
The deformation of the specimen, and the corresponding damage state, is shown for every
increment ∆t = 0.2 ms. Here, the power of the damage model is clearly demonstrated: the
behaviour of fibre reinforced composites during impact can be revealed!
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Figure 4.33: Elastic simulation vs. damage model for experiment GMT40 B07
Figure 4.34: Elastic simulation vs. damage model for experiment GMT40 B19
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Figure 4.35: Impact damage simulation of transverse impact
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Experiment GMT40 B14
Fig. 4.36 shows the simulated damage state for the experiment GMT40 B14, with an initial
impactor velocity vi = 10.2 m/s. Severe damage is to be expected where the impactor hits
the specimen, and in the vicinity of the clamps. The predicted velocity profile corresponds
very well with the experimental result of Fig. 3.37.
Figure 4.36: Elastic simulation vs. damage model for experiment GMT40 B14
Moreover, Fig. 4.37 proves that the agreement with the impactor displacement is excellent,
and even the complicated curve for the contact force is simulated remarkably close.
Experiment GMT40 B20
Fig. 4.38 shows the predicted impactor velocity profile for experiment GMT40 B20, with
an initial velocity vi = 10.6 m/s. While the agreement between the experiment and the
elastic simulation is very poor, the damage model succeeds in describing the response of the
composite specimen under impact laoding.
The damage distribution is depicted in detail on Fig. 4.39. A localised zone of complete
degradation is predicted at the centre of the specimen. The damage rises slightly at the end
of the clamping zone, but the overall damage is modest. Nevertheless, the confined impact
damage can drastically reduce the residual properties of the composite specimen!
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Figure 4.37: Simulated impactor displacement and contact force experiment GMT40 B14
Figure 4.38: Elastic simulation vs. damage model for experiment GMT40 B14
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Figure 4.39: Predicted damage distribution for experiment GMT40 B20
4.7.4 Conclusion
The calibrated material model (4.97) - (4.99) was implemented as a VUMAT subroutine in
Abaqus Explicit. A large number of transverse impact experiments, with a broad range of
striking velocities, was closely simulated using a single set (Table 4.5) of model constants.
This numerical validation clearly shows the versatility of the proposed material model.
The impact damage model can accurately predict the time and place where damage nucleation
occurs, and the propagation term describes the damage growth in the composite material
during dynamic loading. Thus, the impact response of glass fibre reinforced thermoplastic
beams can be fully understood and simulated! In Chapter 8, the calibrated damage model is
successfully applied to simulate full-scale impact experiments on structural components.
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Chapter 5
Dynamic Behaviour of Steel Cord
at Higher Strain Rates
In this chapter, two types of steel cord are tested. High impact cord has a high elongation
at break, but only moderate stiffness and strength. As individual filament failure is observed
under static loading, this cord can be modelled as strings in parallel, and a Weibull damage
model is proposed. Compact cord exhibits a linear elastic behaviour with brittle fracture.
Combining high stiffness and strength, this cord offers a promising potential for its use in
applications where crashworthiness is of major concern. Therefore, the dynamic behaviour is
examined by performing drop weight tests and Hopkinson experiments. Even at high strain
rates, the ductility remains limited, and a tensile failure model is proposed. Research results
on the drop test facility, presented here, were obtained in collaboration with master student
Michiel Galle [1], who proved to be a keen design engineer with an aptitude for experimental
work. Prof. Patricia Verleysens support on high strain rate Hopkinson testing, and Joost
Van Slyckens numerous hints on constitutive modelling, were higly appreciated.
Figure 5.1: Dynamic Behaviour of Steel Cord at Higher Strain Rates
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5.1 Steel Wire and Cord
Steel wires and cords provide the strength of steel, combined with durability and flexibility.
While steel wire is a monofilament, cord structures are composed of twisted steel filaments.
A great variation in steel cords can be obtained using different filaments, number of strands
and winding techniques (Fig. 5.2). Coating can be applied to improve the adhesion between
steel cord (or wire) and its matrix material.
Figure 5.2: Steel cord construction [2]
In this research, two types of steel cord are compared:
1. A compact cord (3 x 0.265 + 9 x 0.245 CC), in which the filaments mainly have linear
contact with each other.
2. A high impact cord (5 x 0.38 HI) with preformed filaments and high impact absorption
capability.
The description of the construction reflects the sequence of manufacturing, i.e. starting with
the innermost strand, and moving outwards.
Fig. 5.3 shows the static load/elongation curves for both types of steel cord. While the
compact cord combines a high stiffness and strength, the high impact cord exhibits a more
ductile behaviour, with higher elongation ( > 5%). Table 5.1 summarizes the physical and
mechanical properties, provided by Bekaert [2]:
• The length of lay Llay [mm] is the axial distance required to make a 360 ◦ revolution
of any element in a strand or cord. Thus, a cord can be winded tight (small value for
Llay) or loose (large Llay).
• The direction of lay is the helical disposition of the components of a strand or cord. A
cord either has a left-hand lay (S) or a right-hand lay (Z).
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Figure 5.3: Static tensile curves for compact cord and high impact cord
CC HI
lay length Llay [mm] 14.5 14
lay direction S S
linear density γ [g/m] 4.576 4.58
cord diameter D [mm] 1.06 1.34
cross section A [mm2] 0.5829 0.5834
breaking force Fmax [mm] 1740 1350
tensile strength XT [MPa] 2985 2314
stiffness E [GPa] 180 93.5
elongation T [%] 2.78 5.48
Table 5.1: Properties of compact cord (CC) and high impact cord (HI)
• The linear density γ [g/m] is the mass per unit length.
• The cord diameter D [mm] is determined by calculating the arithmetic average of the
measured maximum and minimum thickness of the cord.
• The cross section A [mm2] is the actual load-bearing surface, defined as A = γ/ρ with
ρ = 7850 kg/m3 the density of steel.
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• The breaking force Fmax [N] is the maximum load, which a test specimen can support
during a tensile test.
• The tensile strength XT [MPa] is calculated as XT = Fmax/A.
• The stiffness E [GPa] can be expressed as E = m/A, with m = ∆F/∆ the slope of the
linear elastic load/elongation curve.
• The elongation at break T [%] is the strain corresponding with the breaking force Fmax.
5.2 Clamping Device for Steel Cord Testing
In this chapter, (quasi)static and dynamic tensile tests on steel cord are presented. For
these experiments, correct clamping of the cord is a major issue. Stress concentrations in
the vicinity of the clamped area might induce fracture, resulting in an underestimation of
the tensile strength XT . Moreover, strain measurements at higher test speeds require extra
precautions in the design of a clamping device.
Figure 5.4: Commercially avaibable fixtures for cable, rope and fibre [3]
In textile industry, a number of solutions is commercially available (Fig. 5.4), where the fibres
are wound up, and the load is reduced due to friction. However, the use for tensile testing of
steel cords, which are less flexible than ropes or fibres, is not straightfoward. Assume that a
cord is spiralled according to
r(φ) = R [exp (−µφ)] 1/3 (5.1)
with radius R = 200 mm and friction coefficient µ = 0.2. The corresponding profile is shown
in Fig. 5.5. When the yield stress σ0 is reached, the corresponding force in the cord equals
F0 = σ0A, and decreases in the clamps due to friction:
F (φ) = F0 exp [−µ θ (φ)] (5.2)
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Figure 5.5: Steel cord winding profile r (φ)
with θ (φ) the inclination of the normal to the profile r (φ). The force in the clamps is shown
in Fig. 5.6 (left) for a compact cord. The force is reduced to only 8 % of the yield force F0.
However, due to the curvature of the cord, additional flexural stresses are induced:
Figure 5.6: Force (left) and stress (right) in the clamped steel cord
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σ (φ) =
F (φ)
A
+
ED
2 ρ (φ)
(5.3)
with ρ (φ) the radius of curvature. Fig. 5.6 (right) shows that this gives rise to very high
stresses, and the cord will always fail in the clamps. A possible alternative could be a snake-
shaped profile like
y(x) = a
x
L
sin
(
2pi
x
L
)
(5.4)
shown in Fig. 5.7, with amplitude a = 200 mm. Here, the force in the clamped cord can be
Figure 5.7: Force and stress in a snake-shaped clamping profile
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reduced to 40 % of the yield force F0. Yet, the corresponding stress is much higher than the
tensile strength, especially for singularities in the profile’s curvature (Fig. 5.7).
Since very large profile diameters R or amplitudes a would be necessary to prevent the cord
from breaking in the clamps, a design where the steel cord is glued (instead of winded) is
preferred. Small aluminium bars (with a length of 30 mm and a diameter of 25 mm), with
a central drill hole (φ = D) are used to clamp the steel cord. Perfect bonding is extremely
difficult to obtain, and the preparation of the specimens requires special precautions. Fig.
5.8 shows a compact cord, glued to the aluminium clamps.
Figure 5.8: Compact cord glued to aluminium clamps
Different glues are tested under (quasi)static and dynamic loading conditions. A two compo-
nent epoxy resin yields the best results. Still, the shear strength of the glue is almost equal
to the tensile strength of the cord, and when yielding occurs, glue pull-out (rather than cord
failure) might be expected.
Fig. 5.9 shows the experimental setup: the specimen is mounted in the Instron 1345 hydraulic
testing machine, where a 10 kN load cell measures the force. The displacements are measured
using three Linear Voltage Differential Transformers (LVDT). Thus, the strain calculated
from the crosshead displacement can be corrected.
The next section reports the results of quasi-static tensile tests on compact cord and high
impact cord. With a hydraulic machine, test speeds up to 6000 mm/min can be reached, and
strain rates ˙ between 0.001/s and 10/s are covered.
5.3 Quasistatic Tensile Tests
5.3.1 High Impact Cord
Fig. 5.11 compares a static tensile test (2 mm/min) on high impact cord with the data
provided by Bekaert [2]. Here, individual filament failure is observed. Thus, a high impact
cord can be modelled as five springs in parallel, as schematically depicted in Fig. 5.11.
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Figure 5.9: Experimental setup for quasi-static steel cord testing
Figure 5.10: Static tensile test on high impact cord
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Figure 5.11: High impact cord as five strings in parallel
With k the stiffness of each spring, and fj the individual filament forces, the load/displacement
curve for this system can be written as [4]:
P (x) =
N∑
j=n+1
fj = k x (n−N) (5.5)
with N = 5 and n the number of failed filaments. With the definition of total stiffness
K = N k, we can introduce a discrete damage variable d = n/N :
P = K x
(
1− n
N
)
= K (1− d)x (5.6)
Fig. 5.12 shows the load/elongation curve for this parallel string model, with k = 90 N/mm.
The fairly simple equation (5.5) can be extended to a continuous damage model, when a
Weibull probability function (4.50) is proposed:
d(x) = 1− exp
[
−
(
K x
Pmax
)β]
(5.7)
and, hence,
P (x) = Kx exp
[
−
(
K x
Pmax
)β]
(5.8)
Fig. 5.13 compares this Weibull model with the experimental data, for Pmax = 1600 N and
β = 15. Although (5.8) can describe the load/elongation curve to a certain extent, these
statistical damage models are primarily designed for fibre reinforced materials, with a very
large number of fibres (N  5).
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Figure 5.12: Parallel string model for high impact cord
Figure 5.13: Weibull damage model for high impact cord
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To assess the strain rate sensitivity at moderate rates of deformation (0 < ˙ < 10/s), tensile
tests are performed at different speeds. Table 5.2 summarizes the results.
˙ Fmax T
[1/s] [N] [%]
HI 01 0.003 (1685)
HI 02 1 (987)
HI 03 1 (1374)
HI 04 1 1737 2.537
HI 05 5 (1526)
HI 06 5 1798 2.746
HI 07 5 (1563)
HI 08 6 (1216)
HI 09 7 (1023)
HI 10 8 (1693)
HI 11 9 1816 2.544
HI 12 10 1687 2.377
HI 13 10 1661 2.336
Table 5.2: Quasi-static tensile tests on high impact cord
Figure 5.14: Quasi-static tensile tests on high impact cord at different strain rates ˙
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The values between brackets represent the maximum load in the experiments where pull-
out occurred. Note that tensile testing of steel cord, glued in the clamps (Fig. 5.8) is not
straightforward! Fig. 5.14 proves that the influence of strain rate is not pronounced in the
quasi-static test regime.
5.3.2 Compact Cord
Fig. 5.11 compares a static tensile test (2 mm/min) on compact cord with the data provided
by Bekaert [2]. While the maximum force and elongation at break is almost the same, a
different material response is observed. The compact cord exhibits a linear elastic behaviour,
with brittle fracture: all the filaments fail as one.
Figure 5.15: Static tensile test on compact cord
Strain rate sensitivity is investigated by performing quasi-static tensile tests at different
speeds. As the compact cord has a high breaking force Fmax, the preparation of the specimens
is even more stringent. Table 5.3 clearly indicates that glue pull-out is almost inevitable. Fig.
5.16 shows that the influence of strain rate is not pronounced in the quasi-static regime.
5.3.3 Conclusion
High impact cord has a high elongation at break, but only moderate stiffness and strength.
In quasi-static tensile tests, individual filament failure is observed. Thus, a high impact cord
under static loading can be modelled as five strings in parallel, and a simple Weibull damage
model is proposed.
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Figure 5.16: Quasi-static tensile tests on compact cord at different strain rates ˙
˙ Fmax T
[1/s] [N] [%]
CC 01 0.003 (1685)
CC 02 1 (987)
CC 03 1 (1374)
CC 04 1 1737 2.537
CC 05 5 (1526)
CC 06 5 1798 2.746
CC 07 5 (1563)
CC 08 6 (1216)
CC 09 7 (1023)
CC 10 8 (1693)
CC 11 9 1816 2.544
CC 12 10 1687 2.377
CC 13 10 1661 2.336
Table 5.3: Quasistatic tensile tests on compact cord
Compact cord exhibits a linear elastic behaviour, with brittle fracture: all the filaments fail
as one. Combining high stiffness and strength, this type of cord offers a promising potential
for its use in applications where crashworthiness is of major concern. Therefore, the dynamic
behaviour of compact cord is examined in the next sections.
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5.4 Intermediate Strain Rate Regime
To study the dynamic behaviour of materials, a number of test methods is available. An
excellent review is presented in [5]. To address the intermediate strain rate regime, a drop
weight test is proposed. The design, instrumentation and experimental results are presented
in this section, and supported with finite element calculations. Dynamic tensile tests on a
split Hopkinson bar setup are discussed in § 5.5.
5.4.1 Drop Weight Facility for Strain Rate Testing
The drop weight test facility is schematically represented in Fig. 5.17. A long output bar is
mounted in the frame of the drop weight setup. The compact cord specimen, prepared like
Fig. 5.8 (but without screw thread!), is glued between the output bar and the anvil. When
the drop weight with mass M hits the anvil with an initial velocity vi, a velocity v2(t) ≈ vi is
imposed on the lower interface.
Figure 5.17: Drop weight test principle
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The transmitted strain history t(t) is measured on the output bar by means of a strain gauge.
This signal is directly related to the force F (t) in the specimen, by expressing equilibrium at
the upper interface:
F (t) = AbEb t(t) (5.9)
with Eb the stiffness and Ab the cross section of the output bar. The strain rate can be
calculated by dividing the velocity difference between lower and upper interface with the
initial specimen length L:
˙(t) =
v2(t)− v1(t)
L
=
v2(t)− cb t(t)
L
(5.10)
where
cb =
√
Eb
ρb
(5.11)
is the longitudinal stress wave velocity in the output bar with density ρb. Thus, the specimen
elongation
(t) =
u2(t)− u1(t)
L
=
1
L
t∫
0
[v2(τ)− cb t(τ)] dτ (5.12)
can be derived from the transmitted strain history t(t) and the anvil velocity v2(t). This
velocity profile can be measured with the optical Moire´ method discussed in section 3.2.2.
In the drop weight test design, attention is drawn to the measurement of t(t) and v2(t). This
affects the stiffness Eb and cross section Ab of the output bar. The output bar length Lb is
related to the duration of the experiments. Moreover, the shape and properties of impactor
and anvil can be optimized to obtain an imposed anvil velocity v2(t) ≈ vi. The results of this
design exercise are briefly presented in the next section.
5.4.2 Drop Weight Test Design
Due to the relatively low force levels in the steel cord (Fmax < 2 kN), the transmitted stress
wave σt(t) will have a very low amplitude. Using a highly sensitive transient recorder, it is
feasible to measure the corresponding strain history if
t(t) =
F (t)
AbEb
> 20 µstrain ∀t (5.13)
An aluminium output bar is chosen, with Eb = 70 GPa. The signal conditioning (5.13) thus
requires a small diameter Db, which could give rise to flexural wave propagation. Since the
bending stiffness is proportional with D4b , a trade-off has to be made, and the conventional
output bar diameter Db = 25 mm is chosen. With Fmax ∼ 2 kN, the transmitted strain
t ∼ 60 µstrain still can be measured. As a result, the upper interface has a velocity
v1(t) = cb t(t) ≤ 0.3 m/s vi (5.14)
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and little or no deformation capacity is lost. The output bar length Lb is related to the
duration of the experiments. Assuming a specimen with length L = 10 mm and elongation
at break T = 10 %, the time to failure for the lowest initial velocity vi = 1 m/s would be
t = 1 ms. To avoid signal distortion, the corresponding lower limit of Lb is estimated as
Lb >
cb t
2
= 2540 mm (5.15)
An output bar length Lb = 2750 mm is chosen. In all the experiments, T  10 % and
vi  1 m/s, so the reflected wave does not interfere with the strain gauge measurements.
Hence, the strain history t(t) is not affected by boundary conditions. Table 5.4 summarizes
the properties of the selected aluminium output bar.
stiffness E 70 GPa
density ρb 2710 kg/m3
wave velocity cb 5082 m/s
diameter Db 25 mm
cross section Ab 491 mm2
length Lb 2750 mm
Table 5.4: Properties of the aluminium output bar
Drop weight and anvil are designed to meet the requirement v2(t) ≈ vi. For this purpose, the
drop weight should have a very high mass and stiffness, while a compact and light anvil is
needed. Galle [1] studied this design optimization problem, taking into account that
• impact induced stress waves are optimized
• the effects of misalignment have to be reduced
• the inertia of the anvil (compared to the drop weight) is negligible
• a minimum anvil height is required to glue the steel cord in its clamp
• drop weight and anvil have to be mounted easily in the existing test facility
• plastic deformation or damage in either drop weight or anvil should be avoided
• the influence of the anvil’s eigenfrequencies on the strain t(t) should be minimized
Fig. 5.18 shows a survey of this design optimization. Based on linear elastic finite element
calculations, the solution depicted in Fig. 5.19 is proposed. The cone-shaped impactor is
made of steel and has a mass M = 10 kg. The aluminium anvil imposes a pretension of only
F ∗ = 2.2 N on the compact cord. The dimensions and properties of anvil and drop weight
are listed in Table 5.5.
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Figure 5.18: Design calculations to optimize the shape of anvil and impactor
Figure 5.19: Final drop weight test design
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anvil drop weight
inner diameter Dmin [mm] 12.5 52.5
outer diameter Dmax [mm] 40 85
height H [mm] 30 82.5
density ρ [kg/m3] 2710 7850
mass M [kg] 0.22 10.0
stiffness E [GPa] 70 210
contraction ν [-] 0.33 0.3
Table 5.5: Properties of anvil and drop weight
5.4.3 Experimental Results
Different drop weight tests on compact cord are performed, with velocities vi ranging from
4 to 6 m/s. The transmitted strain history t(t) is measured on the output bar, with strain
gauges on a distance h = 5Db = 125 mm from the upper interface. The initial drop weight
velocity vi is measured by means of two laser beams. The experimental setup can be equipped
with high frequency instrumentation (§ 3.2.2) to obtain the anvil displacement u2(t). A high
speed camera, used in streak mode, can record the deformation of the steel cord specimen
during impact. However, combining these measurement systems is not straightforward.
Figure 5.20: Compact cord specimens after drop weight testing
The experimental results are extensively documented in [1]. Dynamic characterization of
small diameter steel cords is a very time consuming and sometimes tedious task, where the
specimen preparation is of utmost importance.
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Fig. 5.20 reveals that glue pull-out is an issue when testing at higher strain rates. Moreover,
the cord tends to fail in the vicinity of the clamps, resulting in an underestimated tensile
strength. Nevertheless, the feasibility of tensile tests on steel cord at high strain rates is
proven is this work!
Figure 5.21: Load/elongation curve for compact cord testing with ˙ = 380/s
Fig. 5.21 shows the load/elongation curve for experiment CC 06, with an initial velocity vi =
5.8 m/s and specimen length L = 15.2 mm. The corresponding strain rate is approximately
˙ ≈ 380/s. The breaking force Fmax is underestimated due to imperfect clamping.
5.4.4 Numerical Simulations
Finite element simulations are performed to gain insight in the dynamic behaviour of steel
cord under dynamic loading. The element mesh and problem size are presented in Fig. 5.22.
Axisymmetric quadrilateral CAX4R elements, with four nodes and reduced integration, are
used. The output bar properties are listed in Table 5.4. The dimensions and properties
of anvil and drop weight are found in Table 5.5. The impactor is given an initial velocity
vi = 5.8 m/s.
Inspired by Fig. 5.3, an elastoplastic behaviour is assumed for the compact cord, with the
elastic properties of Table 5.1, and the flow curve σ0 (p) presented in Fig. 5.23.
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Figure 5.22: Element mesh and problem size for drop weight simulations
Figure 5.23: Compact cord flow curve
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A simple tensile failure criterion is implemented: when the longitudinal stress reaches the
tensile strength (σ11 ≥ XT ) at an integration point, all the stress components are set to
zero, and the material point fails. If all the material points of an element fail, the element is
removed from the mesh.
Figure 5.24: Normalized stress distribution σ11/XT in compact cord under dynamic loading
Fig. 5.24 shows the normalized stress distribution σ11/XT in the steel cord during impact,
and the corresponding displacements of the interfaces. Note that u1  u2. The compact cord
fails, in the vicinity of the upper interface, after only 30 µs. The longitudinal stress is shown
for every increment ∆t = 0.5µs. The simulated load/deflection curve is shown in Fig. 5.21.
5.5 High Strain Rate Hopkinson Experiments
While the quasi-static behaviour of steel cord is very well documented [2], little or no data on
dynamic properties is available. Laird and Schrems [6, 7] developed an instrumented impact
test for small diamater steel wire and rod. The use of this test lies in its ability to quickly and
effectively measure impact fracture energy at various dynamic strain rates, while indirectly
providing a measure of the material’s dynamic yield stress.
The test specimen is axially loaded to 60 % of its yield stress prior to impact. Between the
grips, the wire is supported laterally by two hardened steel anvils with radius R = 12.5 mm,
leaving a free span of 76.2 mm. The wire is impacted at midspan by a hardened steel tup,
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with radius r = 8 mm, mass M = 22.7 kg and initial velocity vi = 1.5 m/s. To describe the
deformation behaviour of the steel wire during impact, analytical and numerical solutions are
developed [7]. Fig. 5.25 shows a simulated impact test on compact cord and high impact
cord. As could be expected, the high impact cord exhibits a more ductile behaviour.
Figure 5.25: 2D finite element simulation of impact on compact cord and high impact cord
Modification of the experimental setup, designed for steel wire and rod, to impact testing
of steel cord, is not straightforward. In this work, the dynamic behaviour of compact cord
is studied by performing high strain rate Hopkinson tests. A Hopkinson setup (or Kolsky
apparatus) is a very popular device for dynamic tensile testing [8]. Shear, compression and
bending experiments are possible as well. The Hopkinson setup has even been applied for
torsion, Charpy and off-axis testing. A comprehensive literature review is found in [9].
Literature data on steel cord testing, however, is extremely rare [10, 11]. The design, in-
strumentation and experimental results of compact cord testing on a Hopkinson device are
presented in the next sections. Numerical simulations provide a better understanding of the
behaviour of steel cord under dynamic loading.
5.5.1 Split Hopkinson Tensile Bar Setup
During a split Hopkinson tensile bar (SHTB) experiment, a small material sample is subjected
to a uniaxial tensile load at a high strain rate. A schematic representation of the Hopkinson
setup is shown in Fig. 5.26.
Figure 5.26: Split Hopkinson tensile bar setup
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This setup consists of an input bar and an output bar, with a specimen sandwiched in between.
A tube-like impactor is put around the input bar, and accelerated towards an anvil. Thus, a
so-called incident tensile wave i(t) is generated, and propagates along the input bar towards
the specimen. The incident wave interacts with the specimen, generating a reflected wave
r(t) and a transmitted wave t(t). The strain histories i(t), r(t) and t(t) are measured
by means of strain gauges on the Hopkinson bars. From these signals, the mean force in the
specimen can be calculated as [12]
F (t) =
Fin(t) + Fout(t)
2
= AbEb [t(t) + r(t) + i(t)] (5.16)
with Eb the stiffness and Ab the cross section of the Hopkinson bars. The mean strain rate
can be calculated by dividing the velocity difference between the Hopkinson bar interfaces
with the initial specimen length L:
˙(t) =
vout(t)− vin(t)
L
=
cb
L
[i(t)− t(t)− r(t)] (5.17)
where cb is the propagation velocity of longitudinal waves in the Hopkinson bars. Thus, the
corresponding strain can be written as
(t) =
uout(t)− uin(t)
L
=
cb
L
t∫
0
[i(τ)− t(τ)− r(τ)] dτ (5.18)
When the specimen length is sufficiently small, a quasi-static equilibrium
t(t) = r(t) + i(t) (5.19)
is established in the specimen from the early stages of loading. As a result, both the stress
and strain are homogeneous along the length of the specimen, and the force history (5.16)
simplifies to
F (t) = AbEb t(t) (5.20)
The expression (5.18) for the specimen elongation reduces to
(t) = −2 cb
L
t∫
0
r(τ) dτ (5.21)
The main advantages of Hopkinson experiments are that test execution is relatively simple,
and the interpretation of the obtained results is straightforward. Stresses and strains are
obtained independently from each other, without having to make assumptions on the specimen
behaviour. In the Hopkinson test design, attention is drawn to the measurement of t(t),
affecting the stiffness Eb, cross section Ab and length Lout of the output bar. The shape
and quality of the incident wave i(t) is determined by the dimensions and properties of the
impactor. Moreover, the strain rate in the specimen can be controlled by adjusting the initial
velocity vi of the impactor. In order to measure the incident wave i(t) and the reflected wave
r(t) independently, a lower limit for the input bar length Lin is derived. The results of this
design exercise are briefly presented in the next section.
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5.5.2 Hopkinson Test Design
The problem of measuring transmitted waves with a low amplitude has already been adressed
in (5.13). For the Hopkinson experiments, aluminium bars with a diameter Db = 25 mm are
chosen. When testing steel cords, aluminium has some distinct advantages compared to steel:
1. Due to the lower modulus of elasticity Eb, the strain waves can be measured more
accurately. This is particularly important for the transmitted wave t(t), which has a
very low amplitude.
2. The load transfer to the low impedance compact cord specimens is much better, so the
strain rate in the specimen will be higher if aluminium bars are used.
The loading time
T = 2
Li
ci
(5.22)
is entirely determined by the length Li and wave propagation velocity ci of the impactor. In
order to maximize T , a slender impactor with relatively low stress wave velocity ci should be
chosen. Maes [13] studied this problem, and solved it for an Ertalon impactor, with Li = 850
mm and ci = 1495 m/s. Hence, loading times T = 1.15 ms can be achieved.
The corresponding length of the incident stress wave in the input bar yields
λ = cb T = 2Li
cb
ci
= 5.77 m (5.23)
The input bar length is chosen as Lin = 6 m, with strain gauges in the middle of the bar,
i.e. 3 m away from both ends. The incident and reflected waves in the input bar thus can be
measured independently. The output bar length is chosen to be Lout = 3.125 m. The strain
gauge on the output bar is located at a distance x = 4Db = 100 mm from the interface,
i.e. more than 3 m away from the bar end. Consequently, also the transmitted wave can be
measured without interference.
If the impactor is given an intial velocity vi, the amplitude of the incident stress wave is
Ab σ = − Zi Zb
Zi + Zb
vi (5.24)
Strain rate and strain (5.21) are directly related to the reflected wave r(t). In order to
achieve high rates of deformation, the acoustic impedance Zi can be tuned by maximizing
the impactor cross section Ai. A tube-like impactor is chosen, with Din = 37 mm and Dout =
60 mm. The strain rate in the specimen can be controlled by adjusting the impactor velocity.
Fig. 5.27 shows this incident stress wave for an initial impactor velocity vi = 5.2 m/s. The
corresponding stress wave amplitude |σ| = 22 MPa. The dimensions and properties of the
final Hopkinson test design are listed in Table 5.6. The split Hopkinson tensile bar setup is
extensively documented in [14].
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Figure 5.27: Incident stress wave for an initial impactor velocity vi = 5.2 m/s
impactor Hopkinson
inner diameter Dmin [mm] 37 0
outer diameter Dmax [mm] 60 25
cross section A [mm2] 1752 491
length L [mm] 850 6000 and 3125
density ρ [kg/m3] 1150 2710
stiffness E [MPa] 2570 70000
wave velocity c [kg] 1495 5082
acoustic impedance Z [kg/s] 3012 6760
contraction ν [-] 0.3 0.33
Table 5.6: Properties of impactor and Hopkinson bars
5.5.3 Experimental Results
Although the clamping of the cord hampers dynamic testing, Hopkinson experiments where
cord failure is observed have been succesfully performed. The experimental results are pre-
sented in [11]. High strain rate testing of small diameter steel cords is anything but straight-
forward, but the results, presented in this work, indicate the technical feasibility of such
extraordinary experiments. Fig. 5.28 shows the incident wave σi(t) and the reflected wave
σr(t), measured on the input bar; and the transmitted wave σt(t), measured on the output
bar. Using a highly sensitive transient recorder, it is feasible to measure the transmitted
stress wave, which has a maximum amplitude less than 4 MPa.
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Figure 5.28: Recorded incident, reflected and transmitted stress waves
The compact cord specimen, prepared like Fig. 5.8 (but without screw thread!), is sub-
sequently glued in line with the Hopkinson bars, and shown in Fig. 5.29. Although this
technique to mount the specimen is time consuming, it guarantees that the reflected wave
is exclusively due to interaction of the incident wave with the specimen. Consequently, the
specimen deformation is obtained with a very high precision.
Figure 5.29: Broken compact cord between Hopkinson bars
The initial free specimen length was L = 11.2 mm. The corresponding strain rate in the
specimen rises very fast, to reach a fairly constant value of approximately ˙ ≈ 250/s. The
reflected wave r(t) and transmitted wave t(t) are shifted from the place where they are
recorded, towards the specimen. The load/elongation curve, calculated by expressing (5.20)
and (5.21), is shown in Fig. 5.30.
156
Chapter 5. Dynamic Behaviour of Steel Cord at Higher Strain Rates
Figure 5.30: Load/elongation curve for compact cord testing with ˙ = 250/s
5.5.4 Numerical Simulations
Axisymmetric finite element simulations are performed to gain insight in the dynamic be-
haviour of steel cord during Hopkinson testing. The element mesh and problem size are
presented in Fig. 5.31. The dimensions and properties, listed in Table 5.6, are used.
Figure 5.31: Element mesh and problem size for Hopkinson simulations
Fig. 5.32 shows the normalized stress distribution σ11/XT in the compact cord, where the
tensile failure criterion, proposed in § 5.4.4, is implemented. Note that quasi-static equilibrium
is established in the specimen from the early stages of loading, resulting in a homogeneous
stress along the length of the specimen. Fig. 5.30 shows the simulated load/deflection curve.
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Figure 5.32: Normalized stress distribution σ11/XT in compact cord during Hopkinson test
5.6 Dynamic Constitutive Modelling
Several constitutive equations that describe the dynamic behaviour of steel are available. The
proposed phenomenological models are based on readily available, macroscopic parameters
of the typical conditions during high strain rate loading. A recent review is published by
Van Slycken [15, 16]. The most commonly used material models are briefly discussed in this
section.
• The most simple constitutive equation
σ = C n (5.25)
was provided by Holloman. This relationship, commonly used to model quasi-static
stress/strain curves, was formulated by Ramberg and Osgood as
 =
σ
E
+
( σ
K
)n
(5.26)
• The well-known Cowper-Symonds model [17]
σ (, ˙) = σ ()
[
1 +
(
˙
C
)n]
(5.27)
is frequently used to describe the strain rate dependency of high strength steels.
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• A remarkable article [18] shows that, while the Cowper-Symonds equation can accu-
rately describe the strain rate dependency of the flow stress σ0, it yields poor results
when predicting other stress levels (like the failure strength XT ). Alves explores an em-
pirical constitutive equation to correlate stress, strain and strain rate for a wide range
of stress levels σ:
σd
σs
= 1 +
σ
σs
(
˙
˙0
)n
(5.28)
where σs and σd are the static and dynamic equivalent stress.
• The most frequently used constitutive equation to describe the dynamic behaviour of
steel, is the Johnson-Cook model [19]
σ =
(
A+B np
) (
1 + C ln
˙
˙0
)
φ(T ) (5.29)
where p is the true strain. This equation gives a linear increase of the true stress σ with
the logarithm of the strain rate ˙, and comprises three factors: strain hardening, strain
rate hardening and thermal softening. The parameters A, B and n can be obtained
from quasi-static experiments, where the value for C is derived from high strain rate
experiments. The linear approximation underestimates the flow stress at low strain rates
(˙ < 1/s), and overestimates the stresses for 1/s < ˙ < 5000/s. A more accurate descrip-
tion is provided by the modified Johnson-Cook model [20] with quadratic interpolation:
σ =
(
A+B np
) [
1 + C1 ln
˙
˙0
+ C2
(
ln
˙
˙0
)2]
φ(T ) (5.30)
Still, the significant decrease of rate sensitivity with increase of strain, is not described.
• To overcome the disadvantages of the Johnson-Cook model, Ludwig [21] proposed an
expression
σ =
[
A (˙) +B (˙) n(˙)p
]
φ(T ) (5.31)
where the coefficients A, B and n are strain rate dependent. Although this description
is more accurate than the Johnson-Cook model, the parameter identification is much
more cumbersome.
• Rule and Jones [22] revised the Johnson-Cook model to predict the failure strength XT
at different strain rates ˙:
XT (, ˙, T ) =
(
A+B np
) [
1 + C ln
˙
˙0
+D
(
1
E − ln (˙/˙0) −
1
E
)]
φ(T ) (5.32)
The model parameters can be evaluated by performing quasi-static tensile tests, and
fitting Taylor impact data.
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• Tanimura [23] proposed a physical model
σ = σs (p, T ) + σt (p, ˙, T ) + σv (p, ˙, T ) (5.33)
where the strain rate and temperature sensitivities of flow stresses can be divided in a
quasi-static part, a thermally activated flow zone and a viscous drag term.
• The Tanimura concept was combined with a phenomenological model by Zhao [24]
σ =
[
A+B np +
(
C −D mp
)
ln
˙
˙0
+ E ˙k
]
φ(T ) (5.34)
A strain rate hardening component is added to the classical hardening. The thermally
activated flow mechanism is represented by the linear increase with the logarithm of
strain rates, and viscous drag is described by a power function, commonly used for
viscoplasticity.
• Zhao and Gary [25] published viscoelastic/plastic models
∂
∂t
=
1
E
∂σ
∂t
+Ψ(σ, ) (5.35)
with different rate sensitivity formulas Ψ (σ, ). A rheological relation Ψ (σ, ) is provided
by Sokolovski and Malvern [26].
• Steinburg and Lund [27] proposed a constitutive model for very high strain rates ˙,
temperatures T and (hydro)pressures p:
σ = [YT (˙, T ) + YA f (p)]
G (p, T )
G0
(5.36)
where G is the shear modulus and f (p) the work hardening term. The quasi-static
yield stress is represented by YA, and YT accounts for strain rate sensitivity.
• The micromechanical Zerilli-Armstrong model [28]
σ =
(
σg +
k√
l
)
+A exp [−α (˙)T ] +B√ exp [−β (˙)T ] (5.37)
is widely applied in military applications. Here, l is the average grain diameter, and σg
is due to the effect of solutes and initial dislocation density.
• Yet another contitutive relation to describe the thermo-viscoplastic behaviour of steel
was developed by Rusinek and Klepaczko [29]. The plastic flow stress is written as
σ (, ˙, T ) =
E(T )
E0
[σµ (, ˙, T ) + σT (, ˙, T )] (5.38)
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where E(T ) is the temperature dependent Young’s modulus. In this formulation, the
stress is presented as an addition of the internal stress
σµ = B (˙, T ) (0 + )
n(˙,T ) (5.39)
directly related to the strain hardening of the material, and the effective stress
σT = σ0
[
1− φ(T ) ln ˙
˙0
]m
(5.40)
which defines the contribution of thermal activation.
The most commonly used constitutive equations that describe the dynamic behaviour of steel,
relate the flow stress σ (p) with the plastic strain. Strain rate sensitivity is expressed in terms
of hardening as well. These phenomenological models account for the viscoplastic behaviour
and thermal softening of steel at higher strain rates.
Figure 5.33: Load/elongation curves for static, drop weight and Hopkinson testing of compact cord
However, Fig. 5.33 proves that the ductility of compact cords is rather limited, even un-
der dynamic loading. Thus, a simple tensile failure model, where brittle fracture occurs if
σ11 > XT can accurately describe the dynamic behaviour of compact cords. To account for
strain rate sensitivity, a Johnson-Cook strength model XT = XT (˙) could be postulated.
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Chapter 6
Pull-out Tests and Interface Models
The interface between steel cord and matrix has a dominant influence on the resulting mechan-
ical properties of the hybrid composite material. In this chapter, pull-out tests are reported to
study the interfacial behaviour and the corresponding energy absorption. The influence of the
steel cord type, the strain rate, the embedded length and the applied coating is investigated.
Three types of interface models are presented to interpret the experimental data: the shear
lag theory, energy based debonding criteria; and the concept of a cohesive contact surface,
inspired by a reinforced concrete approach. Interfacial properties are derived and compared
for the different material combinations. At the end, a finite element model based on thermal
mismatch between matrix and fibre, is developed to simulate pull-out of steel cords from a
composite matrix. Master students Wouter Broeckaert (University of Leuven) and Francisco
de Borja Diez Gonza´lez (Cantabria University) contributed considerably to the experimental
work [1] and the finite element modelling [2] respectively.
Figure 6.1: Pull-out Tests and Interface Models
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6.1 Pull-out Tests
The interface between steel cords and a GMT40 matrix has a dominant influence on the
resulting mechanical properties of the hybrid composite material. To study the interfacial
properties of fibre reinforced composites, various experimental methods [3] are available:
• The single fibre pull-out test, pioneered by Favre [4], has been extensively applied to
polymer composites. It comprises the extraction of a single fibre, embedded within a
matrix, under simple tensile forces. Its main virtue is simplicity, with the experimental
data normally interpreted from a minor adaptation of the shear lag theory. Different
variations of the single filament pull-out test are reviewed in [5]. Miller [6] developed a
microdebond technique, where a small drop of polymer is placed on the fibre, and the
force required to initiate slip is measured.
• The single fibre push-out test is widely applied to ceramic matrix composites [7].
Recording load/displacement curves requires sensitive, purpose-built equipment, but
the basic operation can be carried out with a conventional microhardness indenter.
Marshall [8] developed a push-in test, where fibres are pushed in a bulk matrix, with
accurate sensing of load and displacement. A microcompression technique, where a
small indenter is used to push the end of a fibre into the polished surface of a compos-
ite, was presented by Tse [9].
• In the full fragmentation test, a fibre (f) is embedded in a matrix (m) with failure
strain m  f . When the matrix is stressed in tension, the fibre breaks into fragments.
Analysis is based on Weibull statistics [10], under the assumption of a constant shear
stress along the fibre surface.
These test methods are primarily designed to measure the interfacial properties of brittle
composites, reinforced with small fibres. In this work, pull-out tests are performed to study
the interaction of a steel cord with a composite matrix. The experimental setup is discussed
in the next section, and the measured load/displacement curves are analysed. Pull-out test
results are presented for a GMT matrix, reinforced with high impact cord (SRTP-HI) and
compact cord (SRTP-CC). The influence of the cord type, the coating and the embedded
length is discussed in detail. Special attention is drawn to the energy absorption during
pull-out.
6.1.1 Experimental Setup
Single fibre pull-out tests can be performed either by fixing the bottom surface, restraining the
top surface or clamping the side surface of the specimen (Fig. 6.2). For the same specimen, the
corresponding pull-out stresses for these loading methods are not equal, due to the different
boundary conditions.
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Figure 6.2: Different boundary conditions for single fibre pull-out tests
In [11], a theoretical analysis is provided to explore the difference in pull-out stresses between
the fixed-bottom and the restrained-top method. A fibre with radius Rf is embedded over a
length L in a coaxial cylindrical matrix with outer radius Rm. A uniaxial tensile stress σ is
applied on the top surface of the matrix.
For fixed-bottom testing, the mechanical equilibrium condition between the external axial
stress σ, and the internal stress distributions in the matrix (m) and in the fibre (f) requires
that
R2f σf + 2
Rm∫
Rf
r σm(L, r) dr = R2f σ (6.1)
where the fibre stress σf is assumed to be independent of r since Df  Dm. The top surface
of the matrix is free. Hence, σm(L, r) = 0 is required to satisfy the boundary condition for
the fixed-bottom method.
For restrained-top testing, the applied tensile stress σ induces a compressive stress at the top
surface of the matrix, such that the net force on the specimen is zero:
R2f σf + 2
Rm∫
Rf
r σm(L, r) dr = 0 (6.2)
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Note that the bottom surface of the specimen is free. However, application of the condition
σm(0, r) = 0 to the analysis leads to a divergent solution for the fibre pull-out stress [12]. The
inability to satisfy strictly all the essential boundary conditions is due to certain simplifications
being assumed in the analysis. To obtain an analytical solution for the restrained-top test
method, a uniform axial compressive stress is assumed at the top surface of the matrix, such
that
σm(L, r) = −
R2f
R2m −R2f
σ (6.3)
The theoretical analysis, published by Hsueh [11], shows that the restrained-top method
results in a lower pull-out stress. However, the difference between both methods decreases
when the ratio Rm/Rf increases.
A mathematical description for the gripped-side arrangement is not provided, because the
associated boundary conditions are ambiguous: it is not clear whether the side surface is
fixed, or subjected to a compressive stress. Nonetheless, experimental results obtained with
this method [13] show excellent agreement with the other loading fixtures. Hence, it is
reasonable to conclude that the fibre pull-out stress is insensitive of the specimen gripping
method, when the ratio of matrix to fibre radius is sufficiently large, i.e.
Rm
Rf
 1 (6.4)
Broeckaert [1] conducted pull-out tests on a steel cord reinforced GMT matrix at the Uni-
versity of Leuven. A schematic of the experimental setup is shown in Fig. 6.3. He compared
three different loading fixtures:
1. the specimen is directly fixed in the clamps,
2. an adjusted fixture is applied to relieve the clamping pressure on the specimen,
3. a small hole is drilled through the specimen, so the steel cord is not affected by the
boundary conditions
Broeckaert concludes that there is no significant influence of the loading fixture on the mea-
sured pull-out stresses [1].
In this work, a pull-out test design is presented that eliminates the clamping induced stresses.
The clamping device, developed for steel cord testing (Fig. 5.9), is adjusted and applied for
pull-out experiments. The hybrid composite plates are cut into small specimens (60 x 50 x 7
mm), and glued into an aluminium fixture. As in section 5.2, a small aluminium bar (with a
length of 30 mm and a diameter of 25 mm) with a central drill hole (φ = D) is used to clamp
the steel cord. Fig. 6.4 shows a hybrid composite material sample after pull-out testing.
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Figure 6.3: Experimental setup for pull-out testing of steel cord reinforced composites [1]
The experimental setup is shown in Fig. 6.5: the specimen is mounted in the Instron 1342
hydraulic testing machine, where a 10 kN load cell measures the force. The displacements
are measured using three Linear Voltage Differential Transformers (LVDT).
Figure 6.4: Hybrid composite material sample after pull-out testing
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Figure 6.5: Experimental setup for pull-out testing
6.1.2 Load/Displacement Curve
A typical load/displacement curve for pull-out of a steel cord from a GMT40 matrix is shown
in Fig. 6.6.
Figure 6.6: Typical load/displacement curve in pull-out testing
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This type of curve is described and explained by Clyne and Watson [3]. They define three
distinct stages during the pull-out process:
1. Elastic distortion up until debonding. The hybrid composite material responds linear
elastically as long as F ≤ Fdeb.
2. Propagation of debonding. When the applied load reaches a critical value Fdeb, the
interface starts to fail. The load is transferred through shear stress in the undamaged
interface, and by means of friction in the debonded fibre.
3. Pure frictional sliding. When the fibre is completely debonded, the pull-out process is
solely governed by friction between the fibre and the matrix. The oscillations in the
tail of the load/displacement curve are explained by the periodicity (pitch) of the steel
cords.
In the next sections, the experimental results of pull-out tests on hybrid composites are
presented. First, the interfacial properties of GMT40, reinforced with compact cords (SRTP-
CC) are discussed. These observations are compared with experiments where a high impact
cord is pulled out from a GMT40 matrix (SRTP-HI). Particularly, the influence of the steel
cord type, the coating, the embedded length and the strain rate on the energy absorption
during pull-out is investigated.
6.1.3 Pull-out Test Results for SRTP-CC
The results of the pull-out tests on SRTP-CC, where the GMT40 matrix is reinforced with
compact cords, are presented in Table 6.1. Here, the mean shear stress τ is defined as
τ =
Fmax
piDL
(6.5)
with D = 1.06 mm the steel cord diameter, and L = 50 mm the embedded length. The total
energy Etot absorbed during pull-out is calculated as the area under the load/displacement
curve, and Ea is the fraction of the energy, absorbed after maximum load. Thus, with the
notations of Fig. 6.6,
Ea =
L∫
δm
F (δ) dδ
L∫
0
F (δ) dδ
(6.6)
Table 6.1 shows that almost all the energy is absorbed after the interface has failed. Note
that, while the maximum force Fmax tends to increase with the test speed, the absorbed
energy Ea decreases significantly. This is clearly observed in Fig. 6.7: the force levels for
δ > δm are considerably lower at higher test speeds, resulting in a decreased value for Ea.
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speed Fmax τ Etot Ea
[mm/min] [N] [MPa] [J] [%]
PO 07A 2 798 4.79 22.9 97.8
PO 07B 2 623 3.74 20.6 97.7
PO 07C 2 859 5.16 26.0 98.1
PO 08E 2 650 3.90 13.1 97.8
PO 07D 100 874 5.25 22.9 97.8
PO 07E 100 905 5.44 21.3 98.1
PO 08A 100 709 4.26 14.8 98
PO 08B 5000 1034 6.21 14.6 86.4
PO 08C 5000 953 5.72 16.0 93.2
PO 08D 5000 911 5.47 11.4 92.9
Table 6.1: Pull-out test results for SRTP-CC
This behaviour indicates that the energy absorption capability of SRTP-CC is reduced under
dynamic loading. Moreover, such a trend leads to believe that the energy dissipated during
impact on hybrid composites cannot be predicted by performing merely static pull-out tests!
Figure 6.7: Pull-out curves for SRTP-CC at different test speeds
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6.1.4 Pull-out Test Results for SRTP-HI
Pull-out tests are performed on SRTP-HI at different velocities, to assess the influence of the
steel cord type and the strain rate. Moreover, the effect of different coatings on the interfa-
cial properties is studied. A polypropylene (PP) coating is compared with a thermoplastic
elastomer (TPE) coating. The exact properties of the coating cannot be disclosed due to
confidentiality issues. In this work, their mechanical behaviour is simplified to the linear
elastoplastic model, depicted in Fig. 6.8.
Figure 6.8: Simplified mechanical behaviour of the coatings
Table 6.2 proves that the PP coating is much more stiff and hard than the TPE coating.
These coatings are applied by overextrusion, a production process giving rise to an embedded
steel fibre diameter Df = 1.9mm > D. The influence of the original brass steel cord coating
is neglected.
PP TPE
Yield stress σ0 [MPa] 35 2.5
Tensile strength XT [MPa] 80 7.25
Young’s modulus E [MPa] 1550 7.5
Hardening modulus H [MPa] 45 1
Failure strain T [%] 100 500
Table 6.2: Properties of PP and TPE coatings [1]
The results, presented in this section, are compared with the experimental work of Broeckaert
[1], who studied the influence of the embedded length L.
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High Impact Cord without Coating
Table 6.3 summarizes the results of the experiments where a high impact cord, without
coating, is pulled from a GMT40 matrix. The embedded length is L = 50 mm for all the
experiments, but the test speed is varied to study the influence of the strain rate. The values
between brackets indicate that glue pull-out is observed before maximum load.
speed Fmax XT Etot
[mm/min] [N] [MPa] [J]
PO 01A 2 (1100)
PO 01B 2 (1000)
PO 01C 2 1310 2246 7.08
PO 02E 2 (1250)
PO 01D 100 1246 2136 6.04
PO 01E 100 1320 2263 7.04
PO 02A 100 1338 2293 7.59
PO 02B 5000 1282 2197 6.63
PO 02C 5000 1333 2285 6.95
PO 02D 5000 1288 2208 7.14
Table 6.3: Pull-out test results for SRTP-HI
Cord failure is observed in all the experiments, indicating that the tensile strength XT is
reached before the interface fails. Thus, Fig. 6.9 shows the same behaviour as reported in
Chapter 5 (Fig 5.14). Obviously, the absorbed energy Etot is significantly lower than when
fibre pull-out would occur. Hence, steel cord failure should be avoided, since it does not
contribute to the energy absorption capacity of the hybrid composite material.
The load is transferred between the fibre and the matrix through shear stress in the interface.
For an applied load P and an embedded fibre diameter Df , the mean shear stress is
τ =
P
piDf L
(6.7)
while the corresponding tensile stress in the fibre is given by
σf =
4P
piD2f
(6.8)
When fibre pull-out occurs (σf < XT ), the strength capacity of the fibre is not fully exploited.
Gray [14] defined the critical embedded length Lc (see Fig. 6.10) as
Lc =
Df
4
XT
τ
(6.9)
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Figure 6.9: Force/elongation curves at different tensile test speeds for HI cord without coating
Broeckaert [1] studied the effect of the embedded length on the interfacial behaviour of SRTP-
HI. At the University of Leuven, he performed pull-out tests on hybrid composite samples
with different embedded length L. The experimental setup is shown in Fig. 6.3. The tests
are conducted on a mechanical Instron 4467 tensile machine, where the force is monitored
with a 30 kN load cell, and the crosshead displacement is measured. In all the experiments,
the test speed is 10 mm/min.
Figure 6.10: Definition of the critical embedded length Lc
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The results of the pull-out tests on high impact cord, without coating, are listed in Table
6.4. Broeckaert reports an increasing Fmax with the embedded length, but a decreasing shear
stress τ . The critical embedded length is found to be Lc ≈ 45 mm. These experimental
results are discussed in detail in [1].
L Fmax τ
[mm] [N] [MPa]
WB HI01 20 808 9.60
WB HI02 20 648 7.70
WB HI03 20 814 9.67
WB HI04 30 1015 8.03
WB HI05 36 1172 7.73
WB HI06 40 1264 7.51
WB HI07 40 1074 6.38
WB HI08 40 1078 6.40
WB HI09 40 1109 6.58
WB HI10 40 1161 6.89
WB HI11 40 1217 7.23
WB HI12 40 1251 7.43
WB HI13 40 1266 7.52
WB HI14 40 1312 7.79
WB HI15 45 1146 6.05
WB HI16 45 1161 6.13
WB HI17 45 1217 6.42
WB HI18 45 1273 6.72
WB HI19 45 1298 6.85
WB HI20 45 1314 9.60
Table 6.4: Pull-out test results for SRTP-HI [1]
High Impact Cord with PP Coating
Table 6.5 presents the results of the pull-out tests on high impact cord with PP coating.
The embedded length is fixed (L = 50 mm), but the test speed is varied to study the strain
rate sensitivity. The values between brackets indicate that glue pull-out is observed before
maximum load.
Yet again, cord failure is observed, and analogous results as in Table 6.3 are reported. Fig.
6.11 shows the corresponding load/elongation curves at different test speeds.
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speed Fmax XT Etot
[mm/min] [N] [MPa] [J]
PO 01A 2 1275 2185 5.72
PO 01B 2 1263 2165 6.55
PO 01C 2 (1315)
PO 01D 100 1284 2201 6.41
PO 01E 100 (1182)
PO 02A 100 (1152)
PO 02E 100 (1250)
PO 02B 5000 1288 2208 5.69
PO 02C 5000 1279 2192 5.61
PO 02D 5000 1297 2223 5.78
Table 6.5: Pull-out test results for SRTP-HI with PP coating
Broeckaert performed pull-out tests to determine the critical embedded length Lc and the
absorbed energy Etot when high impact cords are coated with PP. The results are presented
in Table 6.6.
Figure 6.11: Force/elongation curves at different tensile test speeds for HI cord with PP coating
177
Chapter 6. Pull-out Tests and Interface Models
L Fmax τ Etot
[mm] [N] [MPa] [J]
WB HIPP01 10 457 7.66 5.31
WB HIPP02 10 493 8.26 6.44
WB HIPP03 10 616 10.32 8.68
WB HIPP04 10 698 11.69 13.7
WB HIPP05 10 549 9.20 15.0
WB HIPP06 20 648 5.43 19.4
WB HIPP07 20 543 4.55 21.83
WB HIPP08 20 594 4.98 24.65
WB HIPP09 30 1010 5.64 38.35
WB HIPP10 30 1091 6.09 39.75
WB HIPP11 30 1122 6.27 43.59
WB HIPP12 30 1123 6.27 41.44
WB HIPP13 30 1137 6.35 48.53
WB HIPP14 30 1163 6.49 43.59
WB HIPP15 33 1034 5.25 43.73
Table 6.6: Pull-out test results for SRTP-HI with PP coating [1]
As in Table 6.4, Broeckaert reports an increasing Fmax with the embedded length, but a
decreasing shear stress τ . The critical embedded length is found to be Lc ≈ 35 mm.
Figure 6.12: Absorbed energy during pull-out for SRTP-HI with PP coating [1]
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Fig. 6.12 shows that the absorbed energy during pull-out can be described by a parabolic
function. Although this type of material combination has potential for impact energy absorp-
tion, its practical use is limited by the low critical embedded length. Broeckaert concludes
that there is little or no advantage in applying a PP coating, since the interfacial properties
are nearly the same as SRTP-HI without coating [1].
High Impact Cord with TPE Coating
The experimental results of pull-out tests on high impact cord with the more flexible TPE
coating are listed in Table 6.7. The embedded length is fixed (L = 50 mm), and experiments
at different test speeds are compared. Here, the effect of the strain rate is pronounced: at the
lower test speeds (2 and 100 mm/min), steel cord pull-out is observed. The corresponding
load/displacement curves are shown in Fig 6.13.
speed Fmax τ XT Etot Ea
[mm/min] [N] [MPa] [MPa] [J] [%]
PO 05A 2 705 2.36 9.24 86.52
PO 05B 2 659 2.21 9.96 87.25
PO 05C 2 628 2.10 8.42 84.56
PO 06E 2 735 2.46 11.76 86.14
PO 05D 100 731 2.45 11.68 76.54
PO 05E 100 764 2.56 13.1 86.79
PO 06A 100 1125 4.10 21.44 72.11
PO 06B 5000 1190 2040 9.26
PO 06C 5000 1354 2321 9.72
PO 06D 5000 1355 2323 9.63
Table 6.7: Pull-out test results for SRTP-HI with TPE coating
At the highest speed (5000 mm/min), however, the high impact cord fails! Indeed, the
maximum load increases slightly with the strain rate (cfr. Table 5.2), which results in σf > XT
and subsequent cord failure at higher strain rates. Thus, the definition (6.10) should be
adjusted to
Lc (˙) =
Df
4
XT (˙)
τ
(6.10)
for pull-out of steel cords. The corresponding absorbed energy Etot is of course drastically
reduced when cord failure occurs. These observations confirm that it is very difficult, if
not impossible, to predict the impact energy absorption of hybrid composite materials by
performing merely static pull-out tests.
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Figure 6.13: Pull-out curves for SRTP-HI with TPE coating
Broeckaert performed pull-out tests to determine the critical embedded length Lc and the
absorbed energy Etot when high impact cords are coated with TPE. The results are listed in
Table 6.8.
Figure 6.14: Absorbed energy during pull-out for SRTP-HI with TPE coating [1]
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L Fmax τ Etot
[mm] [N] [MPa] [J]
WB HITPE01 20 191 1.60 0.92
WB HITPE02 20 236 1.98 2.87
WB HITPE03 20 338 2.83 3.03
WB HITPE04 40 432 1.81 4.31
WB HITPE05 40 493 2.06 4.32
WB HITPE06 50 744 2.49 9.00
WB HITPE07 60 745 2.08 10.55
WB HITPE08 60 805 2.25 12.66
WB HITPE09 80 779 1.63 16.43
WB HITPE10 80 868 1.82 17.89
WB HITPE11 80 878 1.84 18.20
WB HITPE12 100 987 1.65 24.97
WB HITPE13 120 1057 1.48 31.38
WB HITPE14 120 1114 1.56 34.04
WB HITPE15 140 1077 1.29 37.80
WB HITPE16 140 1121 1.34 40.00
WB HITPE17 150 1293 1.44 49.01
WB HITPE18 155 1169 1.26 50.60
WB HITPE19 160 1138 1.19 47.79
WB HITPE20 160 1192 1.25 52.58
Table 6.8: Pull-out test results for SRTP-HI with PP coating [1]
The energy absorption can be described as a parabolic function of the embedded length, as
shown in Fig. 6.14. For the same embedded length, the absorbed energy is much lower when
a high impact cord is coated with TPE instead of PP. Still, the same energy absorption can be
obtained, because the critical embedded length is substantially higher (Lc ≈ 160 mm). This
proves the potential of this material combination for its application in structural components.
High Impact Cord Fabric
In pull-out experiments, the interfacial behaviour is isolated, and the interaction between one
steel cord and its matrix is studied. When steel cord reinforced thermoplastics are applied in
structural components, however, the geometric steel cord density N [#/m] can be very high:
for some material combinations, steel cord distributions with N up to 8 cords per cm can be
obtained!
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To assess the influence of this parameter N , and the effect of adjacent steel cords, pull-out
tests are conducted on high impact cord fabric, where a GMT40 matrix is reinforced with 4
cords/cm. Only a brass steel cord coating is applied, which can be neglected. The embedded
length is fixed (L = 50 mm), and experiments at different test speeds are performed, where
one high impact cord is pulled out of the fabric. The results are listed in Table 6.9.
speed Fmax XT τ Etot Ea
[mm/min] [N] [MPa] [MPa] [J] [%]
PO 11A 2 1046 1793 4.68 14.53
PO 11B 2 1241 5.89 20.08 72.86
PO 11C 2 1031 1767 6.43 20.22
PO 11D 100 1256 2153 8.54 27.87
PO 12A 100 1247 2137 7.85 25.99
PO 12B 100 1318 2259 7.53 15.14
PO 12C 5000 1258 2156 7.02 18.09
PO 12D 5000 1311 2247 8.40 16.90
Table 6.9: Pull-out test results for SRTP-HI fabric
High impact cord failure is observed in almost all the experiments. Comparison of Fig. 6.15
with Fig. 6.9 shows that the steel cord behaviour is not significantly affected by the geometric
steel cord density N .
Figure 6.15: Force/elongation curves at different tensile test speeds for HI cord fabric
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In one experiment (PO 11B), the high impact cord is pulled out from the matrix. This test
result is used as a benchmark to compare the different material combinations, and draw some
final conclusions on the pull-out experiments.
Comparison and Conclusions
The experimental results of more than 100 pull-out test are reported in this section. Fig. 6.16
compares the load/displacement curves (with v = 2 mm/min and L = 50 mm) for different
material combinations. The corresponding interfacial properties are presented in Table 6.10.
Figure 6.16: Static pull-out curves for different material combinations
It is clear that the highest energy absorption is provided by compact cord reinforcement, and
that the energy is almost completely absorbed after the interface has failed (δ > δm). The
SRTP-HI curves show the same initial elastic response, but the maximum load is drastically
reduced (± 60%) when a TPE coating is applied.
Fmax τ Etot Ea
[N] [MPa] [J] [%]
SRTP-CC 859 5.16 26.00 97.7
SRTP-HI 1241 5.89 20.08 72.86
SRTP-HI + TPE 735 2.46 11.76 86.14
Table 6.10: Interfacial properties for different material combinations
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Based on the pull-out test results, presented here, some general conclusions on the interfacial
properties of the different material combinations can be drawn:
• A hybrid composite material, where a GMT40 matrix is reinforced with compact cords
(SRTP-CC), offers the highest potential for energy absorption. However, it is observed
that the absorbed energy decreases under dynamic loading. This indicates that static
pull-out tests cannot accurately predict the capability of steel cord reinforced thermo-
plastics to dissipate impact energy.
• High impact cord reinforcement (SRTP-HI) provides a promising energy absorption as
well, but its practical use is strictly limited by a very low critical embedded length. If
the steel cords are embedded over a length L > 35 mm, cord failure is observed, and
the absorbed energy is drastically reduced.
• Applying a polypropylene (PP) coating to improve the interfacial properties of SRTP-
HI is not beneficial. The pull-out behaviour of coated high impact cord is nearly the
same as SRTP-HI without coating. Obviously, this is caused by the GMT matrix, which
consists of 80 % polypropylene.
• Applying a very flexible thermoplastic elastomer (TPE) coating reduces the maximum
pull-out load and the absorbed energy during pull-out. However, the maximum critical
embedded length increases significantly, which results in an improved energy absorption
capability. Hence, this material combination offers a promising potential for its use in
practical applications.
• Due to the strain rate sensitivity of the steel cords XT (˙), cord failure can be expected at
higher strain rates. Once more, this limits the ability of static pull-out tests to predict
the energy absorption of hybrid composites under dynamic loading.
• There is no experimental evidence that suggests that the geometric steel cord density
N has a significant influence on the interfacial properties of steel cord reinforced ther-
moplastics.
The experimental observations, reported here, offer a valuable input to study the interac-
tion between steel cord and matrix. In the next section, different mathematical models are
presented and compared to gain insight in the interfacial behaviour of hybrid composite ma-
terials.
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6.2 Interface Models
Understanding the interfacial behaviour of fibre reinforced composites requires a thorough and
in-depth study of this highly complex phenomenon. The tremendous body of work, published
by many authors, indicates that interface modelling is still an emerging field of research. A
comprehensive review of numerous recent papers is given in [15]. Many PhD studies [16–18]
have contributed to an improved knowledge of interfacial mechanics in composites. However,
the authors emphasize that the problem of fibre-matrix interaction is not yet rigorously solved,
and many topics still have to be addressed.
This section claims the merit of comparing the different prevailing theories on a scientific basis.
The governing equations for the respective interface models are derived consistently, with a
uniform notation and a transparant convention for the coordinate systems and boundary
conditions. Most interface models have been developed to describe the interaction of very
small fibres with a polymer matrix. In this work, the ability to predict the pull-out behaviour
of steel fibre reinforced composites is investigated. Furthermore, the different models are used
to obtain the interfacial properties for the different material combinations.
The interface modelling approach is schematically depicted in Fig. 6.17: the interface is re-
placed by an idealised contact surface, with specific constitutive laws describing the interaction
between the matrix and the fibre. The interface model has to meet certain requirements:
• The constitutive equations have to be expressed in terms of intrinsic material properties,
independent of the dimensions and boundary conditions of the fibre-matrix system.
• The model should be able to reflect the reality, yet the analytical expressions have to
remain manageable to implement.
• The parameters are measurable quantities, and can be obtained from pull-out tests.
Figure 6.17: Interface modelling approach
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Within the innumerable interface models, published to date, three great schools can be dis-
tinguished:
1. Shear stress criteria. These interface models are based on the shear lag theory, developed
by Greszczuk [19] and Cox [20]. They derived expressions for the displacements and
shear stresses in the interface, when perfect bonding is assumed. Lawrence [21] improved
this model by incorporating progressive debonding, when a critical shear stress τi is
reached. Hsueh [12, 22, 23] extended this analytical description with interfacial friction
when the fibre is completely debonded. The basic equations of the shear lag theory, and
a review of further theoretical developments, are presented in § 6.2.1.
2. Energy based models. Other authors, like Pigott [24–26], adopted the shear lag theory
to the ideas of fracture mechanics. In this research, originating in the work of Outwater
and Murphy [27], debonding is assumed when the total energy release rate Gc reaches
the work of fracture Γi of the interface. Penn and Lee [5] provide expressions for a
partially debonded fibre. An elaborate energy based model, capable of predicting the
entire pull-out process, is published by Jiang [28]. These ideas, and their application to
steel cord reinforced composites, are discussed in § 6.2.2.
3. Reinforced concrete approach. Many developments on interfacial mechanics are reported
by authors working in the field of reinforced concrete, who study the interaction of
steel fibres in a cementitious matrix. A literature survey of the theoretical models is
written by Bartos [29] and Gray [14]. Stang [30] and Shah [31] compared the stress
based criteria with the fracture mechanics approach. A brief review is presented in
§ 6.2.3. Special attention is drawn to the contributions of Wang [32] and Naaman
[33–36]. They introduced the concept of a cohesive contact surface, where a constitutive
law τ = τ(∆u), connecting shear stress and relative displacement, is imposed on the
interface.
6.2.1 Shear Stress Criteria
The very first interface models [37, 38] assume a perfectly plastic matrix, giving rise to a
uniformly distributed interfacial shear stress. Complete debonding, and subsequent pull-out,
is associated with the critical shear stress τi, corresponding to the maximum pull-out load.
It is clear that the assumption of a constant shear stress along the embedded fibre does not
hold. In this section, the shear lag theory, describing the interaction between an elastic matrix
and an elastic fibre, is presented. The basic equations, predicting the elastic pull-out response,
are derived and extended with the analysis of progressive debonding. A model for frictional
sliding after complete debonding is discussed as well, and a short review of further theoretical
developments is provided. These theories are applied to steel cord reinforced composites, to
obtain values for the interfacial properties.
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Shear Lag Theory
The interfacial shear stress distribution in embedded fibres was first described by Greszczuk
[19] and Cox [20]. They developed the shear lag theory to explain the interaction between
fibre and matrix. Their approach is valid under the assumptions that:
• the fibre behaves linear elastically
• the matrix is rigid, with the exception of an elastic shear lag, with thickness Dm and
shear modulus Gi
• the pull-out stress in the matrix is negligible compared to the longitudinal fibre stress
• the shear stress in the fibre is low compared to the shear stress in the matrix
• stress is transferred in the fibre/matrix interface without slip
Figure 6.18: Notations and conventions for interface modelling
Fig. 6.18 shows the problem geometry as proposed by Greszczuk [19], and applied troughout
this text. An elastic fibre (with diameter Df , stiffness Ef and Poisson coefficient νf ) is em-
bedded over a length L in an elastic matrix (with diameter Dm, stiffness Em and contraction
coefficient νm). The fibre is axially loaded with a pull-out force P . Force equilibrium (Fig.
6.18) requires
F + (piDf dx) τ = F + dF (6.11)
or
dF
dx
= piDf τ(x) (6.12)
where the shear stress τ(x) along the fibre is connected to the shear strain γ by the shear
modulus Gi of the interface, and thus
τ(x) = Gi γ = Gi
u(x)
Dm/2
(6.13)
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with u(x) the axial displacement. Substitution of (6.13) in (6.12) and derivation yields
d2F
dx2
= 2piGi
Df
Dm
du
dx
(6.14)
The axial strain 11 in the fibre can be written in terms of the displacement u(x) as
11 =
σf
Ef
=
4
piD2f Ef
F (x) =
du
dx
(6.15)
Combining (6.15) and (6.14) leads to a second order differential equation:
d2F
dx2
− α2 F (x) = 0 (6.16)
with
α = 2
√
2Gi
DmDf Ef
(6.17)
The general solution for the force reads
F (x) = C1 sinh(αx) + C2 cosh(αx) (6.18)
where C1 and C2 have to satisfy the boundary conditions F (0) = 0 and F (L) = P . Hence,
the force distribution along the embedded fibre is given by
F (x) = P
sinh(αx)
sinh(αL)
(6.19)
or, in dimensionless form (with ξ = x/L),
F (ξ)
P
=
sinh(αL ξ)
sinh(αL)
(6.20)
This force distribution is shown in Fig. 6.19 for different values of the embedded length L.
The corresponding shear stress can be calculated from 6.12 as
τ(x) =
P α
piDf
cosh(αx)
sinh(αL)
(6.21)
With the definition (6.7) of the mean shear stress
τ =
P
piDf L
(6.22)
this can be written in the dimensionless form
τ(ξ)
τ
= αL
cosh(αL ξ)
sinh(αL)
(6.23)
This shear stress distribution is shown in Fig. 6.20 for different values of the embedded length.
Cox [20] formulated the pull-out problem in terms of stresses instead of forces. He derived
analogous expressions, with
α =
2
Df
√√√√√ Em
Ef (1 + νm) ln
(
Dm
Df
) (6.24)
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Figure 6.19: Force distribution along an embedded fibre
Figure 6.20: Shear stress distribution along an embedded fibre
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The interfacial shear strength τi can be estimated by (6.23). The maximum shear stress τ(L)
is given by
τi
τ
= αL coth(αL) (6.25)
Hence, the mean shear τ can be written as a function of the embedded length
τ =
τi
α
1
L
tanh(αL) (6.26)
When the mean shear stress is measured for pull-out tests on fibres with different embedded
length, the shear strength τi and the parameter α can be estimated by fitting (6.26). Fig.
6.21 shows this extrapolation for the experiments on high impact cord with TPE coating.
Figure 6.21: Estimation of the interfacial shear strength for SRTP-HI with TPE coating
The optimal values for the other material combinations are listed in Table 6.11. For a GMT40
matrix, with Em = 6530 MPa and νm = 0.356, the thickness of the shear lag now can be
determined by inverting (6.24):
Dm = Df exp
[
Em/Ef
1 + νm
(
2
αDf
)2]
(6.27)
Once Dm is known, (6.17) provides a formula to calculate the shear modulus of the interface
Gi =
DmDf Ef
8
α2 (6.28)
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τi 1/α
[MPa] [mm]
SRTP-HI 6.50 43.4
SRTP-HI + PP 8.11 27.4
SRTP-HI + TPE 2.23 96.5
Table 6.11: Interfacial strength for different material combinations
Nonetheless, the interpretation of pull-out curves, based on basic shear lag theory, is still
open to discussion. The application of (6.27) leads to unrealistic dimensions of the shear lag
width Dm. Combining (6.17) and (6.24) learns that
Gm
Gi
=
Df
Dm
ln
(
Dm
Df
)
(6.29)
This awkward function is shown in Fig. 6.22. However, Greszczuk claimed that Gi ≈ Gm,
an assumption that leads to an imaginary value for Dm! It should be clear that the simple
shear lag theory (6.20) - (6.23) cannot provide all the answers to thoroughly understand the
fibre-matrix interaction.
Figure 6.22: Relative shear modulus as function of diameter ratio
Desarmot [39] improved the basic interface model by introducing the notion of a debonding
stress σdeb (cfr. Fig. 6.6), and rewriting (6.26) as
σdeb =
4
αDf
τdeb tanh(αL) (6.30)
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He concludes that, although satisfactory agreement can be obtained by fitting τ(L) curves
(as seen on Fig. 6.21), it is preferable to fit σdeb curves. In respect to the least squares ap-
proximation, it is necessary to have a large set of measurements (15-20), regularly distributed
over the largest range of embedded length [39].
It must be emphasized that Cox, Greszczuk nor Desarmot can account for the pull-out be-
haviour once debonding occurs. They implicitly assume that debonding occurs instanta-
neously, resulting in catastrophic failure of the fibre/matrix system. Lawrence [21] extended
the shear lag theory to the analysis of progressive debonding. These ideas are briefly presented
in the next section.
Progressive Debonding
Lawrence [21] studied the interaction of an elastic fibre, partially embedded in an elastic
matrix. A similar analysis is described by Takaku and Arridge [13]. They found analogous
expressions for the force (6.20) and shear stress distribution (6.23) along the completely
embedded fibre, with
α =
√
H
R
(6.31)
where
H = 2
Df
Dm
Gi (6.32)
and
1
R
=
1
D2f Ef
− 1
D2mEm
(6.33)
But Lawrence does not assume complete debonding once the interfacial strength τi is reached.
He proposes a situation of partial debonding, represented by Fig. 6.23. While the elastic
response (6.20) still holds for the embedded fibre, the force P ′ in the debonded part is given
by
P ′ = P − piDf (L− x) τfr (6.34)
where τfr is the shear stress associated with (constant) interfacial friction. The corresponding
shear stress yields
τ(x) =
P ′ α
piDf
coth(αx) (6.35)
If the debonded length increases, this expression is always equal to τi, and the fibre will
continue to debond. The decrease in the term P ′ is compensated by the higher value of
coth(αx) for a decreasing embedded length x. Thus, we can write
P ′ = P − piDf (L− x) τfr = piDf
α
τi tanh(αx) (6.36)
The force
P = piDf τfr
[
L− x+ τi
τf
tanh(αx)
x
]
(6.37)
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Figure 6.23: Partially debonded fibre
reaches its maximum value Pmax when
dP
dx
= piDf τfr
[
τi
τfr
sech2(αx)− 1
]
= 0 (6.38)
which occurs at
x = xmax =
1
α
cosh−1
√
τi
τfr
(6.39)
At this point, debonding continues without further increase in P , and the interface failure
is catastrophic. Clearly, the onset of catastrophic interface failure is dependent on the ratio
τi/τfr. As long as
τi
τfr
< cosh2(αL) (6.40)
a further increase in the pull-out force P is required for debonding. Once
τi
τfr
≥ cosh2(αL) (6.41)
the debonding process is immediately catastrophic, since xmax = L. Thus, the maximum load
required to achieve complete debonding and subsequent pull-out is given byPmax = P
∞ tanh(αxmax) +
τfr
τi
α (L− xmax) xmax < L
Pmax = P∞ tanh(αL) xmax ≥ L
(6.42)
where
P∞ =
piDf
L
τi (6.43)
is the load required to debond an infinitely long fibre when no frictional forces are present.
The pull-out load (6.42) is shown in Fig. 6.24 as function of the embedded length, for various
friction conditions.
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Figure 6.24: Pull-out force under various friction conditions τi/τfr
Note that Greszczuk [19] considers only the immediate catastrophic failure of the interfacial
bond, and assumes load is entirely transferred to the matrix by shear stress without friction.
This requires that τfr = 0, and leads to the equation
Pmax
P∞
= tanh(αx) (6.44)
This expression, plotted in Fig. 6.24 with τi/τfr =∞, is a particular case of the more general
equation (6.42), provided by Lawrence [21].
Fig (6.24) and expression (6.42) provide a strategy to obtain interfacial properties from ex-
perimental P (L) curves. The interfacial shear strength can be determined from
τi =
m0
piDf
(6.45)
where m0 is the initial slope for L  xmax. The values obtained with this approach are
compared to the approximation (6.26), suggested by Greszczuk, in Table 6.12. The values
show good agreement, since there is little or no influence of interfacial friction.
The frictional shear stress can be estimated as
τi
τfr
= m1 (6.46)
withm1 the gradient of the linear curve for L > xmax. The discontinuity in the curve indicates
the value (6.39) of xmax. A bilinear fit for high impact cords, coated with TPE, is presented
in Fig. 6.25.
194
Chapter 6. Pull-out Tests and Interface Models
Figure 6.25: Estimation of τi and τfr for SRTP-HI with TPE coating
Greszczuk Lawrence
SRTP-HI 6.50 6.15
SRTP-HI + PP 8.11 6.74
SRTP-HI + TPE 2.23 2.17
Table 6.12: Interfacial strengths τi [MPa] for different material combinations
Interfacial Sliding
Once debonding has been completed, the pull-out load drops to
P0 = piDf Lτfr (6.47)
and continues to fall with decreasing values of L, as the fibre is withdrawn from the ma-
trix. The assumption of a constant interfacial shear stress τfr leads to a linear tail of the
load/displacement curve. Therefore, the value of τfr can be estimated as
τfr = − n
piDf
(6.48)
where n is the slope of the pull-out curve after complete debonding. Fig. 6.26 shows that
the assumption of a uniformly distributed τfr holds fairly well for the different material
combinations.
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Figure 6.26: Estimation of interfacial friction after complete debonding
The corresponding values for τfr, calculated by (6.46) and (6.48), are presented in Table 6.13.
Both methods yield almost the same results. The interfacial friction is highest for SRTP-CC,
due to the geometric configuration of the compact cord. The influence of a coating on the
pull-out behaviour of SRTP-HI is demonstrated in Table 6.12 and 6.13 as well.
−n
piDf
τi
m1
SRTP-CC 4.27
SRTP-HI 2.70 2.46
SRTP-HI + PP 1.80 1.98
SRTP-HI + TPE 0.57 0.50
Table 6.13: Interfacial friction τfr [MPa] for different material combinations
The oscillations in the tail of the load/displacement curve are explained by the periodicity
(pitch) of the steel cords. This phenomenon is specifically pronounced when the GMT40
matrix is reinforced with high impact cords (Fig. 6.26). A theoretical model for frictional
sliding, which accounts for surface topography, is provided by Kerans [15]. The effect of the
periodicity along the embedded interface is schematically shown in Fig. 6.27.
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Figure 6.27: Effect of periodicity (pitch) on frictional sliding
Translation of initially mating surfaces results in a radial displacement between fibre and
matrix, equal to the amplitude A/2. Thus, the surface roughness is reflected as a radial
compressive stress
σA = − EmEf
Ef (1 + νm) + Em(1− νf )
A(δ)
Df
(6.49)
The periodic surface A(δ) can be described as
A(δ) = c1 cos2(c2 δ) (6.50)
where the coefficients c1 and c2 are functions of the physical steel cord parameters, like
diameter Df and length of lay Llay. When the applied pull-out load P reaches the critical
value
PA = −
piD2f
4
σA
k
(6.51)
with
k =
Em νf
Ef (1 + νf ) + Em(1− νf ) (6.52)
the roughness-induced radial normal stress σA is cancelled by the Poisson contraction from
the axial stress, and there will be no frictional resistance. Then, the displacement δ and the
force P are related by [15]
δ(P ) =
1− 2 νf k
µ k piDf Ef
[
PA ln
(
PA
PA − P
)
− P
]
(6.53)
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with µ the friction coefficient. It is clear that the analytical description (6.49) - (6.53) for
frictional sliding is cumbersome to implement. Table 6.14 proves that the energy absorption,
predicted under the assumption of a constant frictional shear stress τfr corresponds very well
to the experimental values of Table 6.10. Hence, the tail of the load/displacement curve can
be successfully modelled as
P (δ) = piDf (L− δ) τfr (6.54)
Experiment Model Match
SRTP-CC 26.00 25.86 99.35 %
SRTP-HI 20.08 20.06 99.90 %
SRTP-HI + TPE 11.76 11.67 99.23 %
Table 6.14: Energy absorption [J] for the constant frictional shear stress model
In reality, the frictional shear stress τfr is not constant, but decreases with the relative
displacement. Pinchin [40] and Tabor [41] relate τfr to the residual normal stress
σT = − EmEf
Ef (1 + νm) + Em(1− νf ) ∆α∆T (6.55)
arising from the mismatch
∆α = αm − αf (6.56)
in the coefficient of thermal expansion between the matrix and the fibre, for a temperature
range ∆T . This term adds to the roughness-induced radial stress σA, and (6.51) can be
rewritten as
PN = −
piD2f
4
σN
k
(6.57)
with
σN = σA + σT (6.58)
Wang [32] proposed a quadratic relation
τfr(δ) = τ0fr + a1 δ + a2 δ
2 (6.59)
between frictional shear stress and relative displacement, while Van Gysel [16] even included
an exponential decay
τfr(δ)
τ0fr
= [a1 + (1− a1) exp(−a2 δ)] exp(−a3 δ) (6.60)
These contributions indicate that interface modelling is still an emerging field of research.
Some recent theoretical developments are briefly presented in the next section. However, it
should be clear that interfacial sliding of steel reinforced composites can be modelled with a
constant frictional shear stress τfr with very good results.
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Further Theoretical Developments
The one dimensional interface model, presented in Fig. 6.18, clearly has some drawbacks.
Since the differential equation (6.16) is integrated with only two boundary conditions, the
requirements F (0) = 0 and τ(0) = 0 cannot be met simultaneously. Hsueh [42] solved (6.16)
for τ(0) = 0 and F (L) = P , and obtained a force distribution
F (x)
P
=
cosh(αx)
cosh(αL)
(6.61)
along the embedded fibre length, and a corresponding shear stress
τ(x)
τ
= αL
sinh(αx)
cosh(αx)
(6.62)
where the apparent mean shear stress τ , defined as (6.7), is no longer equal to
τgem =
L∫
0
τ(x) dx
L∫
0
dx
(6.63)
According to Hsueh [42],
F (0)
F (L)
=
υf Ef
υf Ef + (1− υf )Em (6.64)
with υf the fibre volume fraction. This is unsatisfactory, because F (0) > 0, even if L → ∞.
Hsueh assumed that, for large values of L/Df , the strain in the matrix and in the fibre are
equal at x = 0. This implies τ(0) = 0, but this requirement, taken as a boundary condition,
falsifies the expression (6.61) for F (x) when L/Df is small.
Sarma [43] extended the Greszczuk model to 2 dimensions, and incorporated a viscoelastic
law for the matrix. The following a priori boundary conditions are retained: τrx(0, 0) = 0τrx(0, L) = 0 (6.65)
This model is semi-analytical: a set of 20 equations is to be solved numerically. Moreover,
the boundary conditions (6.65) are somewhat disconcerting, as the shear stress σrx(r, x) has
singularities in x = 0 and x = L.
Phan-Thien [44] presents a mechanical approach, which relies on a superposition of strain
states, each of them representing the effect of a singularity generated by a concentrated force
in the presence of a boundary. However, only the special case of an infinitely rigid fibre is
considered, and the shear stress is simply
τrx(r, x) =
2Gm
Df L ln
(
L
Df
) u(r, x) (6.66)
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Nevertheless, it would be possible to calculate u(r, x) for an elastic fibre with finite stiffness
Ef <∞ as well.
Hsueh [12, 23] improved the analytical description of the interfacial mechanical properties
of fibre reinforced composites, by incorporating the effects of Coulomb friction µ, Poisson
contraction ν and radial clamping σc. His mathematical model is capable of predicting the
interfacial shear stress, the elastic stress transfer from the fibre to the matrix, the length of
the sliding zone, and the axial displacements of fibre and matrix. However, such a detailed
analysis gives rise to extremely elaborate equations. For instance, the solution for the axial
stress in the fibre reads
σf (x) =
A3
A2
[1− exp(m2 x)]
+ X [exp(m1 x)− exp(m2 x)] (6.67)
+ σf (0) exp(m2 x)
and the axial displacement of the fibre can be calculated from
Ef uf (x) =
A3
A2
(
x+
1− exp(m2 x)
m2
)
+ X
(
exp(m1 x)− 1
m1
− exp(m2 x)− 1
m2
)
(6.68)
+ σf (0)
exp(m2 x)− 1
m2
where m1 and m2 are given by
m1 =
−A1 +
√
A21 − 4A2
2
m2 =
−A1 −
√
A21 − 4A2
2
(6.69)
and
X =
σ0 − σf (0) exp(m2 L)− A3
A2
[1− exp(m2 L)]
exp(m1 L)− exp(m2 L) (6.70)
with σ0 the applied axial pull-out stress. The coefficients A1, A2 and A3 can be written as
functions of the elastic properties of matrix and fibre:
A1 =
Df
[
1−
(
Dm
Df
)2] [D2m +D2f
D2m −D2f
+ νm +
Em
Ef
(1− νf )
]
µ νm (1 + νm)
[
D2m ln
(
Dm
Df
)
− D
2
m −D2f
2
] (6.71)
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A2 = 4
[
1−
(
Dm
Df
)2] Em
Ef
νf
νm
− 1
(1 + νm)
[
D2m ln
(
Dm
Df
)
− D
2
m −D2f
2
] (6.72)
A3 = −4
σ0 +
σc
νm
[
1−
(
Dm
Df
)2] [D2m +D2f
D2m −D2f
+ νm +
Em
Ef
(1− νf )
]
(1 + νm)
[
D2m ln
(
Dm
Df
)
− D
2
m −D2f
2
] (6.73)
Even more complicated expressions for the interfacial shear stress τ(x), the axial displacement
of the matrix um(x), the axial stress in the fibre at the end of the sliding zone σf (0) and the
stress distribution σm(r, x) in the matrix are proposed in [12, 23]. Lu extended this very
elaborate theory to the extremely complex system of a coated fibre, embedded in an elastic
matrix [22].
It is clear that, although this theory is still subject to limiting assumptions, its formulation
is too cumbersome to implement. Therefore, these advanced interface models have not been
used to study the pull-out tests. The development of three dimensional interface models
requires the use of numerical techniques, like the finite element method [45]. The finite
element modelling of the pull-out problem is discussed in detail in section 6.3.
6.2.2 Fracture Mechanics and Energy Models
A number of authors have studied the pull-out problem in terms of fracture mechanics. They
use the stress distributions, provided by the traditional shear lag theory, but apply an energy
balance principle to study the debonding between the fibre and the matrix. The total elastic
strain energy U , stored in the composite specimen, must supply the energy required to prop-
agate a crack with length a through the bonded interface (Fig. 6.23), and the energy Wfr
dissipated through friction. Hence,
∂ U
∂a
≥ piDf Γi + ∂Wfr
∂a
(6.74)
where Γi is equivalent to the interfacial fracture energy. In this section, these energy models,
and their application to steel cord reinforced thermoplastics, are briefly discussed.
First, the analysis of Piggott [24–26] is presented, and applied to hybrid composites. He
formulated the Greszczuk interface model in terms of fracture mechanics. Penn [28] and
Lee [5] extended this energy based model to progressive debonding. Thus, their work is
analogous to the study published by Lawrence [21]. A short review of further theoretical
developments is provided as well.
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Energy Based Interface Failure
To understand pull-out behaviour when applying fracture mechanics, an energy balance (6.74)
can be drawn. The elastic energy in the embedded fibre is given by
Uf =
piD2f
8Ef
L∫
0
σ2f (x) dx (6.75)
where the fibre stress σf (x) is directly derived from (6.19):
σf (x)
σf (L)
=
sinh(αx)
cosh(αx)
(6.76)
and (6.75) yields
Uf =
piD2f
8Ef
σ2f (L)
sinh2(αL)
L∫
0
sinh2(αx) dx (6.77)
=
piD2f
8Ef
σ2f (L)
sinh2(αL)
sinh(αL) cosh(αL)− αL
2α
(6.78)
The energy in the matrix is induced by the shear stress τ(x)
Um = piDf2
L∫
0
τ(x)u(x) dx (6.79)
where the relative displacement u(x) is estimated from the shear strains by integration. As-
suming that the shear strain γ vanishes at r = Dm/2, we can write
u(x) =
Dm/2∫
Df/2
γ(r) dr =
1
Gm
Dm∫
Df
τ(r, x) dr (6.80)
=
1
Gm
Dm/2∫
Df/2
Df
2
τ(x)
r
dr =
Df
2Gm
ln
(
Dm
Df
)
τ(x) (6.81)
and, with Cox’ definition (6.24) of α,
u(x) =
4
α2Df Ef
τ(x) (6.82)
with τ(x) the shear stress distribution along the embedded fibre (6.21), provided by the shear
lag theory
τ(x) =
αDf
4
σf (L)
cosh(αx)
sinh(αL)
(6.83)
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Substituting (6.83) and (6.82) in (6.79), the elastic energy in the matrix can be calculated as
Um =
piD2f
8Ef
σ2f (L)
sinh2(αL)
L∫
0
cosh2(αx) dx (6.84)
=
piD2f
8Ef
σ2f (L)
sinh2(αL)
sinh(αL) cosh(αL) + αL
2α
(6.85)
To estimate the total energy Utot in the composite specimen, we neglect the tensile strain in
the matrix, which may be justified as long as(
Dm
Df
)2
 Ef
Em
(6.86)
Moreover, the shear strain energy in the fibre is negligible, since σf  τi. Thus, the total
energy can be written as
Utot = Uf + Um =
piD2f
8Ef
σ2f (L)
coth(αL)
α
(6.87)
Piggott [25, 26] identifies three possible routes to failure:
1. The maximum shear stress reaches the interfacial shear strength τi. The shear stress
(6.83) at the interface reaches its maximum at x = L. The corresponding debonding
force can be written as a function of the embedded length
P (L) =
piD2f
4
σ2f (L) = piDf τi
tanh(αL)
α
(6.88)
which is analogous to the Greszczuk criterion (6.26), presented in Fig. 6.21.
2. The interface yields at a shear stress τ0. This process should produce a constant shear
stress at the interface, as long as work hardening effects are insignificant, and a simple
force equilibrium gives
P (L) = piDf Lτ0 (6.89)
which is equivalent with the Lawrence approximation (6.45), shown in Fig. 6.25.
3. The interface fractures with an interfacial fracture energy Γi. For this work of fracture,
per unit of area, the energy balance reads
Utot = piDf LΓi (6.90)
and, with (6.87),
P (L) = piDf
√
Df Ef Γi
2
√
αL tanh(αL) (6.91)
This function is fitted for SRTP-HI with TPE coating on Fig. 6.28.
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Figure 6.28: Estimation of the interfacial fracture energy Γi for SRTP-HI with TPE coating
While the analysis of Piggott shows that an energy based debonding criterion is equivalent
to the shear stress criteria presented in § 6.2.1, the interpretation of pull-out data is less
straightforward. In this work, the interfacial properties are expressed in terms of shear stiffness
Gi and strength τi, rather than fracture energy Γi. This is why the energy based interface
models are not extensively applied to analyse the experimental pull-out curves.
Progressive Debonding
Penn [28] and Lee [5] extended the interface model of Piggott to the analysis of progres-
sive debonding. The energy balance in the presence of an interfacial crack with length a is
rewritten, with the notations of Fig. 6.23, as
piDf Γi =
∂ Uel
∂a
+
∂ Ufr
∂a
(6.92)
with the elastic contribution of the embedded fibre
∂ Uel
∂a
=
piDf
8Ef
σ2f (L)
∂
∂a
[
coth(αL)
α
]
(6.93)
=
piDf
8Ef
σ2f (L)
sinh2(αL)
(6.94)
204
Chapter 6. Pull-out Tests and Interface Models
and the frictional dissipation of the debonded part
∂ Ufr
∂a
=
piDf
8Ef
σ2f (L) (6.95)
Thus, the energy balance (6.92) simplifies to
piDf Γi =
piDf
8Ef
σ2f (L) coth
2(αL) (6.96)
which can be solved for the pull-out load
P (L) = piDf
√
Df Ef Γi
2
tanh(αL) (6.97)
This is the force (6.91) found by Piggott, rescaled by a factor√
tanh(αL)
αL
(6.98)
Both theories are compared on Fig. 6.28 for SRTP-HI with TPE coating, and the correspond-
ing interfacial properties are listed in Table 6.15. The value of α, predicted by Penn and Lee,
is very close to the α found by Greszczuk (Table 6.11). Thus, Γi = 0.5 J/mm2 is a reliable
estimation for the fracture energy of the interface.
Piggott Penn & Lee
Γi [J/mm2] 0.123 0.498
1/α [mm] 41.7 92.0
Table 6.15: Energy based interfacial properties
Further Theoretical Developments
Jiang [28] provided an energy based interface model that accounts for the effects of Coulomb
friction µ, Poisson contraction ν and radial compression σc. His mathematical model is equiv-
alent to the work of Hsueh [12, 23], expressed in terms of fracture mechanics. Accordingly,
the governing equations tend to be very tedious.
Jiang calculates the total strain energy, stored in the system, as
Utot = U0 + Ufr + Uel (6.99)
with contributions of the free fibre U0, the debonded fibre Ufr and the embedded fibre Uel
respectively. The energy balance (6.74) during pull-out reads
∂ U0
∂a
+
∂ Ufr
∂a
+
∂ Uel
∂a
= piDf Γi +
∂Wfr
∂a
(6.100)
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This gives rise to a quadratic equation
Aλ2 +B λ+ C = 0 (6.101)
in
λ = σf (L)− 4 τfr
Df
a (6.102)
The load, required to propagate a crack with length a, can be written as
P (L) =
piD2f
4
√
B2 − 4AC −B
2A
+ piDf τfr a (6.103)
where the coefficients A, B and C are related to the specimen dimensions and material
properties by
A =
piD2f
16Ef
[
2 (1 + β) +
2 + β
sinh2(αL)
]
(6.104)
B = −piDf
2Ef
τfr
[
2 + β
α tanh(αL)
+ 2 (1− β) a
]
(6.105)
C =
4pi Em τ2fr
α3Df E
2
f
− 2pi (1− β) τ
2
fr a
2
Ef
− piDf Γi (6.106)
with
β =
Ef
Em
(
Df
Dm
)2
(6.107)
When friction is ignored (τfr = 0) and Dm  Df , the pull-out load (6.103) reduces to (6.97).
The load/displacement curve is described as
δ(P ) =
4P
piD2f Ef
[L0 + a (1 + β)]− 2 (1 + β) τfr
Df Ef
a2 (6.108)
where L0 is the initial length of the free fibre (x > L). As stated in the review on the research
of Hsueh, an elaborate formulation like (6.103) - (6.108) limits the practical use of these
interface models. Gao et al [46] even extended the theory of Jiang to the extremely complex
situation where the frictional shear stress τfr can be variable.
Combined Interpretation
Palley and Stevans [47] tried to combine the preceding approaches, by incorporating the
energy Γi required for interfacial crack propagation (section 6.2.2) into the shear lag hypothesis
(section 6.2.1). They introduced matrix rigidity in compression Em and shear Gm in the
expression for the force equilibrium (6.11), and incorporated the friction τfr of the debonded
fibre. The energy balance (6.74) then results in a quadratic equation
A1 P
2 − (B1 +B2) P − (C1 + piDf Γi) = 0 (6.109)
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in the force P , required for crack propagation. When a pre-existing notch is introduced at
x = L, the general equation (6.109) simplifies to
AP 2 −B P − piDf Γi = 0 (6.110)
with
A =
1
piDf
(
2β
Df
− Dm α
2
4Gi
)
(6.111)
and
B =
piDf Dm α τfr
4Gi
coth(αL) (6.112)
Here, α is an improved formulation of the expression (6.17), proposed by Greszczuk:
α =
√
2β Gi
DmDf
(6.113)
where
β =
1
Ef
+
1
Em
(
Df
Dm
)2
(6.114)
is the modification of the parameter (6.107) introducted by Jiang. Thus, the quadratic equa-
tion (6.110) can be solved to
P =
−B +√B2 + 4ApiDf Γi
2A
(6.115)
= − B
2A
+
√(
B
2A
)2
+
piDf
A
Γi (6.116)
Writing
B
2A
= P0 coth(αL) (6.117)
and
piDf
A
= H (6.118)
with P0 and H determined by (6.111) and (6.114), the relation between pull-out force and
embedded length is represented by
P (L) = −P0 coth(αL) +
√
P 20 coth
2(αL) +H Γi (6.119)
This function is plotted in Fig. 6.29. However, a least squares approximation yields unrealistic
values for α and Γi. When the interfacial properties, predicted by Penn and Lee (Table 6.15)
are used, the agreement between simulation and pull-out data is poor. Other experimental
evidence [39] confirms that the application of the Palley and Stevans model (6.119) is rather
disappointing.
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Figure 6.29: Palley and Stevans model for SRTP-HI with TPE coating
6.2.3 Reinforced Concrete Approach
An immense body of work on interface modelling [14, 29] has been published by authors,
working in the field of reinforced concrete. In this section, a brief review of these research
efforts is presented. While some authors [48, 49] use shear stress criteria, others apply fracture
mechanics [50, 51] to understand pull-out behaviour. However, for both approaches, the
basic equations are these of the shear lag theory, discussed at length in § 6.2.1. Here, only the
expressions to relate the force with the displacement, and thus to simulate pull-out curves P (δ)
are derived. Special attention is drawn to the concept of a cohesive contact surface [35, 36],
where a constitutive law τ = τ(∆u) is imposed on the interface.
Shear Stress Criteria
The hypotheses of the classical shear lag theory are adopted by Stang [30], and rewritten in
terms of relative displacements ∆u(x). With the notations of Fig 6.23, the displacements for
the embedded fibre (0 ≤ x ≤ L− a) are given by
piD2f
4
Ef u(x) = (P − piDf τfr a) cosh(αx)sinh [α(L− a)] (6.120)
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and for the debonded fibre (L− a < x ≤ L)
piD2f
4
Ef u(x) = (P − piDf τfr a) coth [α (L− a)] /α
+ (P − piDf τfr L) [x− (L− a)] (6.121)
+ piDf τfr
x2 − (L− a)2
2
with
α =
√
4Gi
piD2f Ef
(6.122)
The relation between the applied pull-out load P and the resulting displacement δ = u(L) is
given by
piD2f
4
Ef δ(P ) =
P − piDf τfr a
α tanh [α (L− a)] + P a−
piDf τfr
2
a2 (6.123)
and the load, required for progressive debonding, is equal to
P (a)
piDf
= τfr a+
τi
α
tanh [α (L− a)] (6.124)
Thus, the debonding force (Fig. 6.6) can be calculated as
Fdeb = piDf
τi
α
tanh(αL) (6.125)
The entire pull-out proces is described in terms of shear stress criteria by the set of equations
(6.120) - (6.125).
Energy Based Models
The expressions (6.120) - (6.123) can be extended with a debonding criterion, formulated in
terms of fracture mechanics. Shah [31] assumes that debonding occurs when the total energy
release rate Gc of the composite system reaches the work of fracture Γi of the interface, and
rewrites (6.124) as
P (a)
piDf
= τfr a+
[
τfr
2α
+
√(τfr
2α
)2
+
Df Ef
2
Γi
]
tanh [α (L− a)] (6.126)
The debonding force in an energy based interface model is, consequently,
Fdeb = piDf
[
τfr
2α
+
√(τfr
2α
)2
+
Df Ef
2
Γi
]
tanh(αL) (6.127)
The merits and limits of this approach are extensively documented in [50, 51]. A critical
comparison between shear stress criteria and fracture mechanics is found in [30].
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Cohesive Contact Surface
The concept of a cohesive contact surface was first introduced by Needleman [52] to model
debonding in fibre reinforced composite materials, and later adopted by Wang [32], to un-
derstand pull-out from a cementitious matrix. In this section, the cohesive interface model
developed by Naaman [33–36] is presented, and applied to steel cord reinforced thermoplastics.
A cohesive interface model considers the interaction between an elastic fibre and an elastic
matrix, as shown in Fig. 6.18. Naaman does not distinguish between the embedded fibre and
the debonded part, but imposes a constitutive law τ = τ(∆u) on the entire interface. This
bilinear relation, connecting shear stress and relative displacement, is schematically shown in
Fig. 6.30.
Figure 6.30: Constitutive law τ(∆u) for cohesive interface modelling
Thus, the force equilibrium (6.11) requires
dF
dx
= piDf τ(x) = (piDf κ) ∆u(x) (6.128)
where κ is the cohesive modulus of the interface, and
∆u(x) = uf (x)− um(x) (6.129)
the relative displacement between fibre and matrix. Hence, differentiation of (6.128) leads to
d2F
dx2
= piDf κ
[
duf
dx
− dum
dx
]
= piDf κ (f (x)− m(x)) (6.130)
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and, after substituting the fibre strain
f (x) =
4
piD2f Ef
F (x) (6.131)
and the matrix deformation
m(x) =
4
piD2f Ef
[P − F (x)] (6.132)
we obtain the second order differential equation
d2F
dx2
= K [QF (x)− P ] (6.133)
with
K =
4Df κ
D2mEm
(6.134)
and
Q = 1 +
D2mEm
D2f Ef
(6.135)
The solution for the force F (x) reads
F (x)
P
= A exp(αx) +B exp(−αx) + 1
Q
(6.136)
and the corresponding shear stress τ(x) is given by
τ(x) =
1
piDf
dF
dx
=
αP
piDf
[A exp(αx)−B exp(αx)] (6.137)
with α =
√
QK, and the integration constants determined by
A =
1
1− exp(−2αL)
[(
1− 1
Q
)
exp(−αL) + 1
Q
exp(−2αL)
]
(6.138)
B =
−1
1− exp(−2αL)
[(
1− 1
Q
)
exp(−αL) + 1
Q
]
(6.139)
The load/displacement curve can be obtained by expressing ∆u(L):
δ(P ) =
4 (Q− 2)
piD2mEm
1
α
1− exp(αL)
1 + exp(αL)
P (6.140)
This implies a linear pull-out curve as long as τ < τi.
Hence, the initial slope of the experimental load/displacement curve (see Fig. 6.16) is a
measure for the cohesive modulus κ of the interface. An estimation of κ for the different
material combinations is presented in Table 6.16.
211
Chapter 6. Pull-out Tests and Interface Models
Debonding occurs when the maximum shear stress τ(L) reaches the interfacial shear strength
τi, at a load level
Fdeb =
piDf τi
α
1− exp(−2αL)(
1− 1
Q
)
[1 + exp(−2αL)] + 2
Q
exp(−αL)
(6.141)
The load, required for progressive debonding, is
P (a)
piDf
= τfr a+
τi
α
1− exp [−2α (L− a)](
1− 1
Q
) (
1 + e−2α(L−a)
)
+
2
Q
exp [−α (L− a)]
(6.142)
The load/displacement curve, in the presence of a crack with length a, is described by
piD2mEm
4
δ(P ) = (Q− 1) P a− (Q− 2) piDf τfr a
2
2
− piDfLτfr a
+ (Q− 2) 1− exp [−α (L− a)]
1 + exp [−α (L− a)]
P − piDf τfr a
α
(6.143)
Table 6.16 summarizes the interfacial properties for the different material combinations. The
values are derived from the diverse theories, presented in the previous sections. This survey
endorses the observations listed in Table 6.10:
• The high value for τfr proves that a GMT matrix with compact cord reinforcement
offers the highest potential for energy absorption.
• Applying a PP coating to improve the interfacial properties of SRTP-HI composites is
not advantageous.
• The very flexible TPE coating drastically reduces both the interfacial strength τi and
frictional sliding τfr.
1/α τi τfr κ Γi
[mm] [MPa] [MPa] [N/mm3] [J/mm2]
SRTP-CC 4.27 5.10
SRTP-HI 43.4 6.33 2.58 1.87 1.70
SRTP-HI + PP 27.4 6.74 1.89 0.60
SRTP-HI + TPE 96.5 2.20 0.53 1.32 0.50
Table 6.16: Survey of interfacial properties for different material combinations
It should be clear that the interface models, described in this work, are still open to dis-
cussion, and even leading authors in this field [22, 24, 30] recognize that some fundamental
research topics have not been addressed in a satisfactory fashion yet. However, the present
analysis shows that the prevailing theories are capable of describing the interaction between
a composite matrix and a coated steel cord, and that these interface models can be applied
to interpret pull-out data.
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6.3 Finite Element Model for Pull-out
Since fibre/matrix interaction is still not fully understood, a finite element model for pull-out
is a very challenging, if not utopian, endeavour. In this section, the state of the art on finite
element modelling of interfacial behaviour is briefly outlined, and a pragmatic approach for
steel cord reinforced thermoplastics, based on thermal mismatch, is presented and compared
with experimental results. It is shown that the energy, absorbed during a pull-out test, can be
predicted closely by an elementary finite element model with only two interfacial parameters.
6.3.1 Finite Element Modelling of Interfacial Behaviour
Finite element modelling of interfacial behaviour is an interesting, albeit very difficult, prob-
lem. No physically correct finite element model, capable of describing pull-out, has been
published to date. However, these contributions are worth mentioning:
• Luk and Keer [45] presented a three dimensional analytical interface model. By solving
a complicated set of differential equations, they showed the existence of a singularity
τrx(0, 0), and obtained an analytical expression for the extremum τrx(0, L).
• Shear stress profiles τrx(r, x) have been reported by Marotzke [53] using finite elements,
but without considering the singularity τrx(0, 0) in the stress contour.
• Marmonier [54] studied the pull-out process by means of a finite element model, but
does not provide a debonding criterion: the problem has been discussed in terms of the
stress intensity factor K.
• Grande [55] and Faber [56] performed finite element analyses to assess the validity of
the shear stress distribution (6.35), proposed by Lawrence. They showed that the rate
of shear stress decay is dependent on the stiffness ratio Ef/Em.
• An interesting approach is handed by Hampe et al [57]: they developed a model, con-
sisting of longitudinal and shear spring elements to estimate the effect of a propagating
interfacial crack. The single fibre model comprises a cylindrical matrix volume, which
contains the embedded fibre, and is represented by a two dimensional net of small rect-
angular elements. Each element is described by an individual set of geometrical and
mechanical parameters. If the interfacial shear strength τi is reached, the associated
model element debonds, and a crack occurs between the fibre and the matrix. The
debonded volume element can no longer transfer shear stresses by elastic deformations,
and a constant frictional shear stress τfr is assumed.
While all these finite element studies contribute to a better understanding of the interfacial
behaviour, they do not succeed in providing the complete elastic stress fields for the entire
pull-out problem. In the next section, an elementary model is proposed to describe the
interaction between a steel cord and a composite matrix.
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6.3.2 Thermal Mismatch Model
In this work, a finite element model for the pull-out of steel cords from a GMT40 matrix is
presented, inspired by the concept of thermal mismatch, first introduced by Pinchin [40] and
Tabor [41]. Similar studies have been reported by Brun and Singh [58] for ceramic matrix
composites, and Naaman [33] for steel fibre reinforced concrete. The preliminary research
results of the finite element model, presented here, are documented in [2].
During the production process, the hybrid composite material is heated to a temperature of
T = 180 ◦C. This results in a residual normal stress (6.55) after moulding
σT = − EmEf
Ef (1 + νm) + Em(1− νf ) ∆α∆T = −ET T (6.144)
arising from the mismatch
∆α = αm − αf (6.145)
in the coefficient of thermal expansion between the matrix and the fibre. The thermal proper-
ties of steel cord reinforced thermoplastics are studied in [59]. With the values listed in Table
3.12 and 5.1, the compressive stress can be estimated as σT ≈ -4285 x 0.007 = -30 MPa.
The boundary conditions of the axisymmetric finite element model to simulate single fibre
pull-out are presented in Fig. 6.31. A steel cord (with properties, presented in Table 5.1) is
embedded over a length L = 50 mm in a GMT40 matrix (Table 3.12), whose bottom surface is
fixed. The radial compressive stress σT is applied on the embedded fibre, and a predescribed
displacement δ is imposed at the free fibre end x = 2L.
Figure 6.31: Boundary conditions for the finite element pull-out model
The shear stress distribution τ(x) along the embedded fibre length is shown in Fig. 6.32. The
simulated stress profile corresponds very well with the theoretical stress distribution (6.23),
predicted by Greszczuk, with the interfacial properties of Table 6.16.
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Figure 6.32: Shear stress distributions for an embedded and a partially debonded fibre
Debonding is assumed when the maximum shear stress τ(L) reaches the interfacial shear
strength τi. For the debonded fibre, a Coulomb friction coefficient
µfr =
τfr
σT
(6.146)
is assumed, implying a constant interfacial shear stress τfr. The simulated shear stress dis-
tribution along a partially debonded fibre, with crack length a = L/2, is shown in Fig.
6.32. Note that this stress profile τ(x) is in good agreement with the theoretical shear stress
distribution (6.35) proposed by Lawrence.
Yet, the debonding criterion τ(L) = τi is too fragile to implement in a finite element model.
Fig. 6.33 shows that the shear stress decays very rapidly in radial direction: the value for
τrx(r, x) drops by 90 % at a radial depth r = Df ! Thus, the place where τmax(r, L) is
evaluated, has a marked influence on the simulated pull-out curve. Even more disturbing
is the observation that the value for τmax is highly mesh dependent, and does not seem to
converge.
Table 6.17 proves the mesh sensitivity of the shear stress, where n is the number of elements
along the fibre radius, and τmax the shear stress, corresponding with the predescribed dis-
placement δm of Fig 6.6. It should be noted that the total problem size for the finest mesh
(n = 10) exceeds the number of 72 000 elements!
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Figure 6.33: Radial decay of the shear stress τrx(r, x)
The data, presented in Table 6.17, leads to the conclusion that a shear stress criterion to
model progressive debonding can not be accurately implemented in a finite element model,
and would yield arbitrary results.
n 1 2 3 4 5 6 7 8 9 10
τmax 2.82 4.20 4.92 5.50 5.91 6.31 6.61 6.92 7.21 7.44
Table 6.17: Mesh sensitivity of τmax [MPa]
This is why, in this work, the concept of a cohesive contact surface has been adopted, and
relative displacement between the fibre and the matrix is allowed as soon as the pull-out load
is applied. The initial interfacial friction coefficient is estimated as
µi =
τi
σT
(6.147)
and drops to µfr when the critical load (6.57) is reached. This pragmatic modelling approach
leads to a bilinear pull-out curve, presented in Fig. 6.34 for a compact cord reinforced GMT
matrix. While the interfacial shear stress distribution can never be physically correct, the
resulting pull-out behaviour for SRTP-CC agrees well with the experimental curve, and the
absorbed energy Etot is predicted very closely.
216
Chapter 6. Pull-out Tests and Interface Models
Figure 6.34: Simulated load/displacement curve for pull-out of SRTP-CC
A complete and physically correct finite element model to understand interfacial behaviour
is beyond the scope of this work. As shown, mesh sensitivity prevents the use of a shear
stress based debonding criterion τ(L) = τi. Here, a thermal mismatch model was presented
to predict the energy absorption during pull-out, using only two interfacial parameters.
The linear elastic response is described by an interfacial friction coefficient µi, which is closely
related to the shear strength τi (Table 6.12). Once the critical load is reached, this coefficient
drops to a value µfr, connected to the interfacial shear stress τfr (Table 6.13). Thus, both
parameters can easily be obtained from pull-out testing.
Although progressive debonding is not incorporated, this elementary model is fit to simulate
pull-out of a steel cord from a composite matrix, and can be successfully applied to hybrid
composite materials.
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Chapter 7
Micromechanical Model for Steel
Fibre Reinforced Composites
This chapter aims at presenting the state-of-the-art on modelling for steel fibre reinforced
composites. First, the work of Joost Hendrikx [1] at the University of Twente is briefly re-
viewed. He developed a numerical tool, based on micromechanical mixture rules and classical
laminate theory, to predict the material properties of steel fibre reinforced thermoplastics.
The experimental characterization and numerical modelling of hybrid composites, conducted
in cooperation with the Institut fu¨r Verbundwerkstoffe (Kaiserslautern) is presented as well.
At the end of this chapter, an analytical formulation for hybrid composite beams in bending
is provided, and compared with test data from quasistatic and dynamic three point bend-
ing experiments. Obviously, the remarkable research results of master students Ignace Proot
(Ghent University), Joost Hendrikx (University of Twente) and Guillermo de la Fuente Vil-
lamudria (Cantabria University) have enriched this text. I gratefully acknowledge the warm
hospitality of Ulrich Huber, Chris Fremgen and Sebastian Schmeer at IVW Kaiserslautern.
Figure 7.1: Micromechanical Model for Steel Fibre Reinforced Composites
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7.1 Stiffness and Strength Prediction
Joost Hendrikx [1] developed a numerical tool to predict the material properties of steel
fibre reinforced thermoplastics (SRTP). The analytical formulation is based on a geometrical
model, representing the lay-up of the different materials. Micromechanical mixture rules are
combined with classical laminate theory to determine the mechanical properties of the hybrid
composite material. These properties are validated by performing tensile, bending and shear
tests on four different configurations of one typical lay-up [1].
In this section, the analysis, modelling and validation is outlined for Glass Mat Thermoplastic,
reinforced with compact cords (SRTP-CC). A schematic overview of the research approach is
given in Fig. 7.2.
Figure 7.2: Schematic overview of the research approach [1]
Starting from the SRTP laminate lay-up, a material analysis (§ 7.1.1) is performed. Based on
micrography and burn-out tests, a geometric model of the material’s cross section is made.
Then, an analytical description (§ 7.1.2) is derived, based on micromechanics and classical
laminate theory. Finally, this model is validated (§ 7.1.3) by comparing numerical predictions
with experimental results.
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7.1.1 Material Analysis
The material analysis starts with a microscopic study of the laminate cross section. With
burn-out tests, the weight fractions of the different materials are determined. A geometric
model is proposed, based on the information gathered from the microscopic analysis and the
burn-out tests.
Microscopic Research
It is important to know the exact position of the different materials in the hybrid compos-
ite material, because this influences the resulting mechanical properties. Fig. 7.3 shows a
microscopic picture of the SRTP-CC laminate.
Figure 7.3: Microscopic picture of the SRTP-CC laminate cross section [1]
This laminate consists of two steel cord layers, where compact cords are stitched to a 0 ◦ and
90 ◦ Twintex roving. The steel cord layers are surrounded by pure polypropylene (PP). In
the middle of the laminate, a Glass Mat Thermoplastic (GMT) layer is observed. The cross-
section also shows that the steel cords are not compressed during the production process, as
they have kept their initial diameter.
The space between the steel cords is filled with several materials:
• there are longitudinal Twintex (TWR0) bundles, one per steel cord
• the transverse roving (TWR90) has formed a slightly curved Twintex 90 ◦ layer
• the PP layers have partly mixed with the glass mat
An in-depth study of the microscopic measurements is found in [1].
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Burn-out tests
In a burn-out test, the SRTP-CC material is heated to 600 ◦C, to evaporate all the polypropy-
elene from the laminate. With these tests, extensively documented in [1], more information is
gathered on the composition of the laminate. The weight fractions of the different constituents
are listed in Table. 7.1.
material weight fraction
steel 30.4 %
glass 33.6 %
polypropylene 36.0 %
Table 7.1: SRTP-CC weight fractions [1]
Moreover, the burn-out tests reveal that the compact cords are stitched to the Twintex roving.
This glass stitching (GS) has to be taken into account in the geometric model.
Geometric Model
With the information gathered form the microscopic analysis and the burn-out tests, the geo-
metric model, shown in Fig 7.4, is proposed. This model provides the basis for the analytical
description, discussed in the next session. Thus, it has to remain simple, yet able to reflect
the reality as good as possible.
Figure 7.4: Geometric model for the SRTP-CC laminate [1]
Hendrikx [1] made two assumptions on the laminate lay-up:
1. The laminate comprises 5 simple layers, made from one (orthotropic) material; and 2
more complex steel cord layers.
2. These steel cord layers are confined to the compact cord diameter, and comprise several
materials (in series and parallel).
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7.1.2 Analytical Model
Based on the geometric model, the total thickness and density of the laminate can be readily
obtained. Then, the volume and mass fractions of steel, glass and polypropylene are deter-
mined, allowing a first estimation of the modulus of elasticity E1, i.e. the stiffness in steel
cord direction. For each layer of the geometric model, the stiffness matrix is calculated by
expressing micromechanical mixture rules. Classical laminate theory then provides a means
of predicting the mechanical properties of the hybrid composite material. In this section, the
analytical description is briefly outlined.
Bulk Laminate
Some properties of the bulk laminate are independent on the exact material distribution, and
can be directly derived from the geometric model and the pre-production data:
• The total laminate thickness H can be calculated as the sum of the relative thicknesses:
H =
n∑
j=1
hj =
n∑
j=1
λj
ρj
(7.1)
with λj the area density [kg/m2] and ρj the density [kg/m3] for each material j = 1..n.
For the steel cords, λ = γ N , with N the number of steel cords per meter.
• The volume fractions υj are obtained by dividing the thickness contribution by the total
laminate thickness:
υj =
hj
H
(7.2)
• Hence, the density of the laminate can be expressed as
ρ =
n∑
j=1
υj ρj (7.3)
and, of course, λ = ρH.
• The weight fraction mj for each component is easily determined by
mj = υj
ρj
ρ
(7.4)
• The longitudinal modulus of elasticity E1 is not dependent on the through-the-thickness
material distribution of the different constituents. Thus, the stiffness in steel cord
direction can be calculated as
E1 =
n∑
j=1
Ej1 υ
j (7.5)
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Layer Properties
The geometric model can be represented by the layered laminate, depicted in Fig. 7.5. The
complex steel cord layers have a thickness equal to the compact cord diameter. The thickness
of the polypropylene layers (PPL) and Twintex layers (TWR90L) is equal to their relative
thickness. Hence, the height of the GMT layer (GMTL) can be calculated as
H(GMTL) = H −
∑
j
hj (7.6)
Figure 7.5: Geometric model and layered SRTP-CC laminate [1]
In order to calculate the mechanical properties of a layer, the volume fractions of each material
in that layer have to be derived. For the simple layers, this calculation is straightforward.
In [1], an algorithm is presented to determine the volume fractions of all the different materials
in the more complex steel cord layers.
Once the thickness of each layer, and the volume fraction of each material in the layers is
known, the layer properties can be calculated by expressing micromechanical mixture rules [2].
For each composite layer, the matrix (m) and fibre (f) are modelled as two adjacent blocks,
with the same volume fractions (Fig. 7.6). Assuming continuous strain in both phases, the
longitudinal stiffness E1 can be expressed based on Voigt’s model:
E1 = Em1 υ
m + Ef1 υ
f = Em1 + υ
f
(
Ef1 − Em1
)
(7.7)
This rule of mixture represents a simple linear variation of the apparent Young’s modulus E1
from Em1 to E
f
1 as the fibre volume fraction υ
f varies from 0 to 1. The Poisson’s ratio ν12
can be calculated in the same way:
ν12 = νm12 υ
m + νf12 υ
f (7.8)
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Figure 7.6: Micromechanical models
The transverse elastic modulus E2 can be determined with the Reuss model. When continuous
stress in both phases is assumed, the inverse rule of mixture
1
E2
=
υm
Em2
+
υf
Ef2
(7.9)
is derived, whereupon
E2 =
Em2 E
f
2
υmEf2 + υf E
m
2
(7.10)
The in-plane shear modulus G12 can be expressed in the same way:
G12 =
Gm12G
f
12
υmGf12 + υf G
m
12
(7.11)
Obviously, the continuous stress assumption is not entirely consistent, and there is a trans-
verse strain mismatch at the boundary between the matrix and the fibres. As a result, the
inverse rule of mixture yields a lower limit for the transverse elasticity modulus E2, and un-
derestimates the shear modulus G12. Modelling a composite material in transverse and shear
direction is very difficult, and more complicated descriptions - combining Voigt’s and Reuss
models - are developed. For instance, Halpin and Tsai [3] proposed an improved inverse rule
of mixture
E2
Em2
=
1 + ζ η υf
1− η υf (7.12)
where
η =
Ef2 /E
m
2 − 1
Ef2 /E
m
2 + ζ
(7.13)
and ξ is a measure of fibre reinforcement of the composite material, depending on fibre
geometry, packing and loading conditions.
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The calculation of the mechanical properties for each layer is discussed in detail in [1]. For
the transverse stiffness and the shear modulus of the steel cord layer (Fig. 7.7), a combination
of Voigt’s and Reuss models is applied:
1
E2
=
υSC
ESC2
+
υGS
EGS2
+
υ∗
E∗2
(7.14)
with
υ∗ = υTWR0 + υPP + υGMT (7.15)
and the elaborate equation for E∗2 as found in [1].
Figure 7.7: Micromechanical model for the steel cord layer [1]
For each layer, the symmetric stiffness matrix [C], relating stresses and strains, can be de-
termined by expressing (7.7) - (7.11). Under in-plane stress conditions, these constitutive
relations read 
σ1
σ2
σ6
 = 11− ν12 ν21
 E1 ν21E1 0ν21E1 E2 0
0 0 (1− ν12 ν21) G12


1
2
6
 (7.16)
with
ν21 =
E2
E1
ν12 (7.17)
In this contracted tensor notation, σ6 = τ12 = σ12 and 6 = γ12 = 2 12. When the laminate
lay-up is known and the stiffness matrix is determined for every layer, classical laminate theory
provides a means of predicting the mechanical properties of the hybrid composite laminate.
Classical Laminate Theory
The mechanical properties of a composite material configuration (Fig. 7.8) is obtained from
the elastic constants of the constituent laminae by the so-called classical laminate theory [4, 5].
This theory embodies a collection of stress and deformation hypotheses, that restrict its
application to the analysis of thin laminates under small deformations:
• the layers are perfectly bonded
• as in the Kirchoff plate theory, it is assumed that a straight line, originallly perpendicular
to the geometric midplane, remains straight and normal to the deformed midplane
• each lamina behaves linear elastically, with no in-plane shear between the layers
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Figure 7.8: Laminate lay-up configuration
Under these assumptions, the stress in the kth layer can be expressed in terms of the midplane
strains 0 and the laminate curvatures κ:
{σ} = [C∗]k
{
0
}
+ z [C∗]k {κ} (7.18)
where [C∗] is the transformed stiffness matrix, rotated to the global coordinate system. In
this study, only the transverse Twintex roving has to be rotated.
The resulting forces (per unit of length) acting on a laminate are obtained by integration of
the stresses in each layer through the thickness of the laminate:
Nxx
Nyy
Nxy
 =
H/2∫
−H/2

σxx
σyy
σxy
 dz =
N∑
k=1
zk∫
zk−1

σxx
σyy
σxy
 dz (7.19)
Accordingly, the resulting moments can be defined as
Mxx
Myy
Mxy
 =
H/2∫
−H/2

σxx
σyy
σxy
 z dz =
N∑
k=1
zk∫
zk−1

σxx
σyy
σxy
 z dz (7.20)
When the lamina constitutive equations (7.18) are substituted, the relation between loading
and laminate deformations can be written as{
N
M
}
=
[
A B
BT D
] {
0
κ
}
(7.21)
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Figure 7.9: Resultant laminate forces and moments
Here, the stiffness matrix [A], with
Aij =
N∑
k=1
(
C∗ij
)
(zk − zk−1) (7.22)
the extensional stiffnesses, relates forces with midplane strains. The coupling compliance
matrix [B], where
Bij =
1
2
N∑
k=1
(
C∗ij
) (
z2k − z2k−1
)
(7.23)
implies coupling between bending and extension of a laminate. The moments and curvatures
are related by the bending stiffnesses
Dij =
1
3
N∑
k=1
(
C∗ij
) (
z3k − z3k−1
)
(7.24)
Laminate Properties
The laminate properties are calculated from the inverse equation of (7.21):{
0
κ
}
=
[
a b
bT d
] {
N
M
}
(7.25)
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where the abd-matrix is the inverse of the ABD-matrix:
0xx
0yy
γ0xy
κxx
κyy
κxy

=

a11 a12 a16 b11 b12 b16
a21 a22 a26 b21 b22 b26
a61 a62 a66 b61 b62 b66
b11 b21 b61 d11 d12 d16
b12 b22 b62 d21 d22 d26
b16 b26 b66 d61 d62 d66


Nxx
Nyy
Nxy
Mxx
Myy
Mxy

(7.26)
The laminate stiffness in steel cord direction can be expressed as
Exx =
1
H
(
a11 − b
2
11
d11
) (7.27)
while the transverse modulus of elasticity is given by
Eyy =
1
H
(
a22 − b
2
22
d22
) (7.28)
and the in-plane shear modulus reads
Gxy =
1
H
(
a66 − b
2
66
d66
) (7.29)
The Poisson’s ratio for a longitudinal tensile test can be derived from
νxy =
yy
xx
=
a21 − b21 b11
d11
a11 − b
2
11
d11
(7.30)
Finally, the longitudinal bending stiffness can be calculated as
EI =
M
κxx
=
Mxxw
d11Mxx
=
w
d11
(7.31)
where w is the width of the specimen.
Strength Prediction
The prediction of laminate strength is a straightforward, but sometimes tedious, task. Since
linear elastic behaviour is assumed, a single stress analysis suffices to determine the stress
field that causes failure of an individual lamina. The overall procedure of laminate strength
analysis, which at the same time yields the load/deformation behaviour, is schematically
depicted in Fig. 7.10.
The analysis is composed of two different approaches, depending on whether any laminae
have failed [6]:
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Figure 7.10: Analysis of laminate strength and load/deformation behaviour
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• If no laminae have failed, the load at which the first lamina violates the failure criterion,
must be determined. The load parameter λ is increased until some lamina fails. This
lamina is then eliminated from the laminate, by assigning zero properties to the failed
layer. The laminate strains are calculated from the known load and stiffnesses just prior
to failure.
• If one or more laminae have failed, the ABD-matrix is updated, and new laminate
stiffnesses are calculated. The laminae stresses are recalculated to determine their
distribution after a lamina has failed. To maintain equilibrium, the redistributed stress
shall increase. Therefore, it must be verified that the remaining laminae (at their
increased stress levels) do not fail under the same load. If no more laminae fail, the
load can be increased until another lamina fails, and the cycle is repeated until all
laminae have failed. The corresponding load factor λ then predicts the failure strength
L∗ = λ (N,M).
The entire procedure for strength analysis is independent of the chosen failure criterion,
but the results evidently depend on the specific chosen criterion (maximum stress, maximum
strain, Tsai-Wu, Tsai-Hill, Azzi-Tsai-Hill,...). A more detailed description can be found in [6].
Hendrikx [1] proposed a quick calculation technique to estimate the strength in longitudinal
direction XT and transverse direction YT . These strength values are written as a weighted
sum, where only the materials that have a significant influence on the corresponding strength
are taken into account. For the longitudinal direction, the steel cords, the fibres from the
Twintex roving parallel to the steel cords, and the longitudinal fibres of the Twintex fabric
are used for strength prediction. In the calculation of YT , only the transverse fibres of the
Twintex roving and fabrics are taken into acocunt.
In the next section, this rudimental strength model is validated by performing tensile tests
on hybrid composite laminates. Experimental results of bending and shear tests are provided
to assess the quality of the stiffness prediction model (7.27) - (7.31). Based on this valida-
tion, the assumptions of the presented analytical model are discussed. It is proven that the
mechanical properties of hybrid composite laminates can be predicted accurately without ex-
tensive material characterisation: only the well documented pre-production data (like [7, 8])
is needed as input.
7.1.3 Experiments and Validation
Tensile and compression tests are conducted at TNO [9] to determine the stiffness and strength
of SRTP-CC laminates. Moreover, bending and shear tests are performed at the University
of Twente [1]. In this section, these experimental results are applied to validate the analytical
model.
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Material Testing (TNO)
Tensile tests on straight samples (250 x 30 x 4.5 mm) are performed according to the ISO
527-4 standards [10], in order to obtain values for the tensile stiffness and strength. The
strains are measured using an extensometer with a gauge length of 60 mm. Strain gauges are
applied to determine the Poisson contraction coefficient νxy. The tensile tests are extensively
documented in [9], where Gan reports some interesting observations:
• Failure of the SRTP-CC takes place as subsequent fracture of steel cords, followed by
failure of the GMT matrix. In every experiment, a number of compact cords does not
fail, as seen on Fig. 7.11.
• It is remarkable that the hybrid composite material fails at a lower strain x than the
failure strains of its individual components. Indeed, the measured failure strain of
the SRTP-CC samples is approximately x ≈ 1.9%, where the GMT matrix fails at
 = 2.15% (Table 3.12), and the compact cord elongation at break is  = 2.78% (Table
5.1).
• Tensile testing is continued after matrix failure, to check the energy absorption capacity
of the hybrid composite. Once the matrix has failed, steel cord pull-out is observed:
the force level is very low, and the compact cords are hardly loaded.
Table 7.2 summarizes the results of the tensile tests, performed at TNO.
Figure 7.11: Tensile test samples with 4 cords/cm (left) and 7 cords/cm (right) [9]
Compression tests are performed according to the ISO 1426 standards [11], to measure the
compressive stiffness and strength. The samples (with a thickness of 4 mm) are equipped
with tabs, and have a full length of 80 mm and a width of 12 mm. The free length in the
middle of the specimen is 10 mm. The reults of the compression tests are presented in [9],
where Gan makes two important remarks:
• Some samples suffer from bending behaviour, due to poor alignment of the steel cords.
Thus, the measured maximum stress does not correspond with the real compression
strength.
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• When the steel cords are not fully impregnated during the moulding process, they induce
delamination, as shown in Fig. 7.12.
Figure 7.12: Compression test samples with 4 cords/cm (left) and 7 cords/cm (right) [9]
Table 7.2 summarizes the results of the compression tests, performed at TNO.
Exx 18.3 ± 1.0 GPa
Eyy 6.40 ± 0.2 GPa
XT 283.6 ± 15.4 MPa
XC 109 ± 10.5 MPa
YT 93.3 ± 5.7 MPa
x 1.92 ± 0.18 %
y 2.19 ± 0.20 %
νxy 0.25 ± 0.04
Table 7.2: Mechanical properties of SRTP-CC [9]
Experimental Results (UT)
At the University of Twente, three types of tests are performed to validate the analytical
model:
1. Tensile tests are conducted according to the ASTM D3039 standards [12], to determine
the longitudinal tensile modulus Ex and strength XT . The straight specimens (250 x
30 x 4 mm) are equipped with aluminium tabs, and mounted in a hydraulic testing
machine. The strain is measured with an extensometer (with a gauge length of 50 mm),
while a 100 kN load cell monitors the force. Again, subsequent failure of compact cords
is observed.
2. Three-point bending tests are performed, according to the ASTMD790M standards [13],
on a universal screw driven machine. The force F is measured with a 1 kN load cell,
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while the displacement δ is obtained by an LVDT sensor. Thus, the experimental
bending compliance
δ
F
=
L3
48EI
+
3L
10Gxz A
(7.32)
with support span L and cross section A, provides a means of validating the predicted
bending stiffness EI and the shear modulus Gxy, under the assumption that Gxz ≈ Gxy.
3. To determine the shear modulus Gxy, a Iosipescu test setup [14] is used. The force is
measured with a 1 kN load cell, and the shear strain is determined by means of strain
gauges in ± 45 ◦ directions. The shear modulus is calculated according to the ASTM
D5379M standards [15], and corrected with a strain factor, suggested by Tsai et al [16].
This experimental research is discussed in detail in the work of Hendrikx [1]. The test results
are listed in Table 7.3.
Exx 19.7 ± 0.9 GPa
XT 272.0 ± 16.5 MPa
Gxy 1.64 ± 0.19 GPa
δ/F 0.00887 ± 0.00047 mm/N
Table 7.3: Mechanical properties of SRTP-CC [1]
Model Validation
Table 7.4 compares the experimental data with the analytical stiffness and strength predic-
tions. Based on this validation, conclusions about the assumptions can be drawn, and final
recommendations are made.
7.1.4 Conclusions and Recommendations
The experimental results are used to assess the validity of the assumptions made by applying
simple micromechanical mixture rules and classical laminate theory (CLT). Comparing test
results with stiffness and strength predictions, some important conclusions can be drawn:
• Instead of the Young’s modulus of steel (E = 210 GPa), the measured longitudinal
stiffness of the compact cord (Table 5.1) has to be taken into account.
• Numerical simulations reveal that the steel cords are not perfectly bonded. Hence,
the transverse stiffness prediction Eyy yields the best results if the equation (7.14) for
the transverse stiffness of the steel cord layer is replaced by E2(SCL) = 0. Thus, the
predicted stiffness Eyy is a small underestimation of the transverse laminate stiffness.
Moreover, the lower limit for the shear modulus of the steel cord layer, provided by the
Reuss series model (7.11), is preferred to calculate the laminate shear stiffness Gxy.
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Model Test Match
H [mm] 3.63 3.41 106 %
ρ [kg/m3] 1786 1765 101 %
λ [kg/m2] 6.482 5.825 111 %
Exx [GPa] 20.6 19.0 108 %
Eyy [GPa] 5.60 6.40 88 %
XT [MPa] 294 278 106 %
YT [MPa] 105 93.9 112 %
Gxy [GPa] 1.38 1.64 84 %
νxy [-] 0.28 0.25 112 %
δ/F [mm/N] 0.0091 0.0089 102 %
Table 7.4: Model Validation for SRTP-CC [1]
• Since the transverse stiffness of the steel cord layer is neglected, this layer does not
contribute to the a21 term in (7.30). Consequently, the rule of mixture (7.8) has to be
applied to predict the laminate contraction coefficient νxy.
• The approach to predict the strength by taking into account the materials with signifi-
cantly higher strength values, and neglecting the influence of the other components, is
proven to be a valid strategy.
Hendrikx [1] concludes that the mechanical properties of hybrid composite laminates can
accurately be predicted by applying basic composite theories (micromechanics and CLT).
The most important conclusion states that a large material analysis is not required to achieve
better results. Thus, the stiffness and strength of SRTP laminates can be calculated by using
only the pre-production data, which is directly available!
Based on these insights, Hendrikx developed a design tool to optimize the material con-
figuration, and suggest new laminate lay-ups to meet stiffness and strength requirements.
A detailed analysis of this interesting research is found in [1]. In this work, the analytical
model is implemented, and used as a simple benchmark to support the micromechanical finite
element simulations, presented in the next section.
7.2 Micromechanical Modelling
Several generations of newly developed steel cord reinforced thermoplastics are tested and
analysed at the Institut fu¨r Verbundwerkstoffe (IVW) in Kaiserslautern. This section gives
an overview of the experimental characterization and numerical modelling of an innovative
material combination, where a GMT40 matrix is reinforced with compact cords [17].
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7.2.1 Experimental Characterization
Tension and compression tests are performed on a hybrid composite material, where the
GMT40 matrix is reinforced with 5 compact cords per cm. The experimental results in
longitudinal (steel cord) direction and transverse direction are compared with compression and
tensile tests on the GMT40 matrix material, without steel reinforcement. Optical deformation
analysis is applied to measure the displacements. This method allows strain calculations with
very high precision.
Optical Deformation Analysis
Measuring the strain in a uniaxial tensile test poses a number of difficulties:
• The poor adhesion capacitiy of polypropylene limits the use of strain gauges.
• An extensometer can be used to measure the elastic stiffness, but has to be removed
prior to failure.
• Localized deformation can not be captured, and it is impossible to measure necking
without strain gauges
• The crosshead displacement overestimates the strain, due to slip in the clamps and the
finite machine stiffness
In order to improve the quality of experimental results, a deformation analysis tool, capable
of analyzing the motion on the surface of a specimen, is developed at IVW [18]. The use of
optical deformation analysis allows the definition of strain in each direction without additional
measurements. Therefore, it is dedicated to deliver a great amount of data for statistical
analysis, eliminating random errors. Furthermore, the specimen can be segmented very well,
allowing to look into much smaller areas and to identify localization effects. Fig. 7.13 shows
the grid on a SRTP specimen under tensile loading.
Figure 7.13: Optical deformation grid on specimen under static tensile loading [17]
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A line grid is drawn on the specimen, and its deformation is filmed during the experiment.
The optical deformation analysis tool WinTrace is implemented to calculate the optical flow
between two images. The optical flow is defined as an apparent motion of image bright-
ness, and evaluated by the Lucas-Kanade method. The technical details, and a complete
mathematical description can be found in [18].
WinTrace calculates the positions of previously defined points during the course of the de-
formation. Thus, the strains can be derived from these measured displacements. With the
use of optical analysis, it is possible to obtain much more detailed information on the defor-
mation behaviour of a specimen than by applying the classical approach. For instance, Fig.
7.14 shows that a traditional Zwick tensile test machine underestimates the actual material
stiffness by more than 30 %.
Figure 7.14: Tensile stress/strain curves for GMT40
Tensile Test Results
Static tensile tests (2 mm/min) are performed according to the ISO 527-4 standards [10] on
a Zwick 1474 testing machine. The specimens are equipped with tabs to prevent failure in
the clamps, and a line grid is drawn on its surface. The force is measured with a 100 kN load
cell, while the displacements are captured with optical deformation analysis.
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t w L m Exx XT x
[mm] [mm] [mm] [g] [GPa] [MPa] [%]
IVW ZL70 5.27 23.17 106 53.29 27.0 255 2.4
IVW ZL71 5.31 20.20 106 48.30 28.6 235 2.6
IVW ZL72 5.25 21.11 105 50.05 27.5 287 2.4
IVW ZL73 5.26 21.02 105 49.95 25.5 272 2.5
Mean 27.1 262 2.475
Deviation 1.28 22.38 0.09
Variation 4.74 8.5 3.86
Prediction 24.95 270
Model Match 91.9 103
Table 7.5: Tensile stiffness and strength in steel cord direction
The results of the tensile tests in steel cord direction are listed in Table 7.5. Each specimen is
reinforced with 10 compact cords, which explains the small variation on the specimen width.
The variation on static stiffness and strength is rather small. While the longitudinal stiffness,
calculated with the analytical model of section 7.1.2, slightly underestimates Exx; the strength
prediction XT corresponds very well with the experimental data.
The compact cords contribute to the ductility of the hybrid composite material. Failure
occurs when the steel cords break, and little or no pull-out is observed. Fig. 7.15 shows the
damaged specimen after tensile testing. The results of static tensile tests (2 mm/min) in
transverse direction are presented in Table 7.6.
Figure 7.15: Damaged specimen after longitudinal tensile testing
242
Chapter 7. Micromechanical Model for Steel Fibre Reinforced Composites
t w L m Eyy YT y
[mm] [mm] [mm] [g] [GPa] [MPa] [%]
IVW ZQ70 5.30 26.13 83.42 50.16 10.5 200 2.5
IVW ZQ71 5.27 27.16 84.36 52.08 9.9 160 2.5
IVW ZQ72 5.28 26.41 83.55 50.82 11.6 170 2.5
IVW ZQ73 5.25 26.55 83.75 50.92 9.1 178 2.5
Mean 10.28 177 2.5
Deviation 1.05 17 0
Variation 10.25 9.61 0
Prediction 7.2
Model Match 70
Table 7.6: Tensile stiffness and strength in transverse direction
Here, the compact cords only have a moderate contribution to the transverse stiffness Eyy
and strength YT . Note that the transverse stiffness prediction is rather poor. Linear elastic
behaviour with brittle fracture is observed. Fig. 7.16 shows the damaged specimen after
transverse tensile testing.
Figure 7.16: Damaged specimen after transverse tensile testing
The longitudinal and transverse test results are compared with tensile tests on the GMT40
matrix material, without steel cord reinforcement. The results are listed in Table 7.7. The
Young’s modulus E corresponds well with the data, presented in Table 3.2, but the tensile
strength XT is considerably higher, and exhibits much more scatter. Here, the micromechan-
ical stiffness prediction yields a very good result.
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t w L m E XT T
[mm] [mm] [mm] [g] [GPa] [MPa] [%]
IVW ZU70 5.16 25.85 102 41.71 7.5 71 2.0
IVW ZU71 5.15 25.79 101 41.03 5.2 119 3.0
IVW ZU72 5.21 25.94 106 43.08 5.7 115 2.5
IVW ZU73 5.18 25.84 104 41.88 6.7 105 2.0
Mean 6528 6.28 102.5 2.375
Deviation 230 1.03 21.8 0.48
Variation 3.5 16.37 21.28 20.15
Prediction 6.15
Model Match 98
Table 7.7: Tensile stiffness and strength of GMT40
Fig. 7.17 compares static stress/strain curves for tensile testing. It is clearly seen that the
hybrid composite, when tested in transverse direction, behaves like the GMT40 matrix, albeit
that the stiffness and strength is somewhat higher. On the other hand, the longitudinal tensile
test shows a more ductile behaviour, with a much higher stiffness (Exx ≈ 2.5Eyy).
Figure 7.17: Stress/strain curves for tensile testing of the hybrid composite material
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Compression Test Results
Compression tests are performed on small SRTP-CC samples (15 x 15 x 2.5 mm). However,
due to microbuckling of the compact cords, the interpretation of the experimental results is
not straightforward. Hence, compression tests are conducted on long samples (100 x 25 x 5
mm), equipped with tabs, leaving a free length of 10 mm in the middle of the specimen. A test
jig is mounted on a Zwick 1474 universal testing machine, and the force is measured with a 100
kN load cell. The experiments are captured with a digital camera, and optical deformation
analysis is applied to calculate the strains and, thus, obtain a value for the compressive
stiffness. Table 7.8 summarizes the results for the compression tests in longitudinal (steel
cord) direction.
t w L m Exx XC
[mm] [mm] [mm] [g] [GPa] [MPa]
IVW DL50 5.23 28.84 103.9 64.24 19.9 230
IVW DL51 5.21 28.23 101.7 62.85 19.1 176
IVW DL52 5.21 26.51 103.9 60.11 17.5 172
IVW DL53 5.25 26.35 103.4 59.70 18.2 195
Mean 18.7 193
Deviation 1.05 26
Variation 5.6 13.5
Table 7.8: Compressive stiffness and strength in steel cord direction
The samples fail in a buckling mode under compressive loading, where the steel cord layer
acts as a delamination. Fig. 7.18 shows the damaged specimen after longitudinal compression
testing. Note that some compact cord push-out is observed. The results of static compression
tests in transverse direction are presented in Table 7.9.
t w L m Eyy YC
[mm] [mm] [mm] [g] [GPa] [MPa]
IVW DQ50 5.19 26.25 99.24 53.16 9.39 67
IVW DQ51 5.20 24.09 99.51 48.33 9.45 62
IVW DQ52 5.25 25.88 99.36 51.63 9.10 61
IVW DQ53 5.19 25.28 100.7 50.61 9.05 52
Mean 9.25 60.5
Deviation 0.20 6.25
Variation 2.18 10.3
Table 7.9: Compressive stiffness and strength in transverse direction
245
Chapter 7. Micromechanical Model for Steel Fibre Reinforced Composites
Figure 7.18: Damaged specimen after longitudinal compression testing
The small variation on stiffness and strength indicate that these experiments are very repro-
ducible. The longitudinal and transverse test results are compared with compression tests on
the GMT40 matrix material, without steel cord reinforcement. The results, listed in Table
7.7, show a lower compressive stiffness than the values listed in Table 3.8.
t w L m E XC
[mm] [mm] [mm] [g] [GPa] [MPa]
IVW DU50 5.21 26.18 101.4 42.23 3.955 62
IVW DU51 5.10 25.80 104.5 42.10 3.995 61
IVW DU52 5.18 26.24 102.2 42.77 3.980 59
IVW DU53 5.14 26.32 103.0 42.49 3.750 54
Mean 3.92 59
Deviation 0.115 3.56
Variation 2.92 6.03
Table 7.10: Compressive stiffness and strength of GMT40
Fig. 7.19 compares the static stress/strain curves for compression testing. Again, the hybrid
composite material -when tested in transverse direction- behaves like the GMT40 matrix, with
a higher stiffness and strength. Of course, the longitudinal compressive stiffness (Exx > 2Eyy)
and strength (XC > 3YC) are considerably higher.
246
Chapter 7. Micromechanical Model for Steel Fibre Reinforced Composites
Figure 7.19: Stress/strain curves for compression testing of the hybrid composite material
7.2.2 Numerical Modelling
A micromechanical finite element model to describe the static properties of steel cord rein-
forced thermoplastics is developed in cooperation with the Institut fu¨r Verbundwerkstoffe [17].
A unit cell of GMT matrix, with dimensions 10.2 x 10.2 x 5 mm, and the properties listed
in Table 3.16, is reinforced with 5 compact cords, with E = 180 GPa and ν = 0.3 (Table
5.1). The flow curve of Fig. 5.23 is taken into account to model the ductility of the steel
cords. Since no steel cord pull-out is observed in the quasistatic tensile tests, perfect bonding
is assumed between the matrix and the steel cords. The finite element mesh of this microme-
chanical model is shown in Fig. 7.20. The total problem size is presented in Table 7.11.
# elements
matrix 53754
steel cords 5 x 2244
total # el. 64974
total # nodes 74828
total # DOFs 224484
Table 7.11: Total number of elements, nodes and degrees of freedom
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Figure 7.20: Finite element mesh for the micromechanical model
Static tensile tests in longitudinal and transverse direction are simulated by constraining
the displacements on one surface, and imposing a predescribed displacement on the opposite
surface. Fig. 7.21 shows that the micromechanical model slightly underestimates the stiffness
of the hybrid composite in steel cord direction.
Figure 7.21: Micromechanical simulation of tensile test in steel cord direction
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The same conclusions are drawn when performing finite element simulations of tensile tests
in transverse direction, as seen on Fig. 7.22. These results show that the micromechanical
finite element model, presented here, can be used to understand and predict the behaviour of
steel cord reinforced thermoplastics under static loading.
Figure 7.22: Micromechanical simulation of tensile test in transverse direction
Fremgen et al [17] performed a sensitivity analysis of the micromechanical model, and applied
it to study the influence of a modest matrix plasticity. They concluded that the ductility of the
hybrid composite material is almost completely due to the presence of steel cord reinforcement.
Figure 7.23: Steel cord layer with GMT (left) and pure polypropylene (right)
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Fig. 7.23 shows the stress distribution σ22 for a transverse tensile tests. When the GMT
matrix material in the steel cord layer is replaced by pure polypropylene (with the elastic
properties of Table 3.10), the agreement between simulation and test result is poor. The dis-
agreement is even more pronounced when tensile tests in steel cord direction are simulated.
This supports the experimental observations, reported in section 7.1.1, and the analytical cal-
culations, presented in Table 7.4. After the moulding process, the hybrid composite material
can be modelled as a steel cord reinforced GMT40 matrix, without pure polypropylene layers.
Guillermo de la Fuente [19] extended this micromechanical model, to assess the influence of
the geometric steel cord density N on the specific stiffness E∗1
E∗1 =
E1
ρ
=
Em1 + υ
f
(
Ef1 − Em1
)
ρm + υf (ρf − ρm) (7.33)
calculated from the micromechanical mixture rule (7.7). This expression is shown for SRTP-
CC on Fig. 7.24 when the steel cord content υf varies from 0 to 1.
Figure 7.24: Specific stiffness E∗1 as function of the steel cord content υf for SRTP-CC
For geometric steel cord densities N < 5 cords/cm, the fibre volume fraction is very small
(υf < 0.06), and the relation (7.33) is almost linear. Fig. 7.25 shows that the predicted values
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for the specific stiffness in steel cord direction closely follow the theoretical curve. Again, a
very small underestimation is observed [19].
Figure 7.25: Simulated specific stiffness for geometric steel cord densities 0.25 < N < 2.5 CC/cm
The tools and utilities, discussed in this section, prove that the stiffness and strength of hybrid
composite materials can be successfully predicted by performing micromechanical calcula-
tions. Moreover, the quasistatic behaviour under tensile loading can be accurately described
by finite element simulations. In the next section, a more complex micromechanical model is
presented to study steel cord reinforced thermoplastics in bending.
7.3 Static Three Point Bending
When loaded in bending, hybrid composites are subjected to a multiaxial stress state, and
the position of the steel cords highly influences the mechanical response of the material. In
this section, static three-point bending tests are performed on GMT40 beams (with height
H = 40 mm, width t = 7 mm and span L = 140 mm), reinforced with compact cords (Df =
1.06 mm), to study this very important parameter.
With the definition of excentricity e in Fig. 7.26, three distinct geometric configurations are
compared: the steel cord can be either under compression (e = 10 mm), on the neutral fibre
(e = 0 mm) or in the tensile zone (e = - 10 mm).
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Figure 7.26: Three-point bending of hybrid composite materials
The experimental setup is shown in Fig. 7.27. A special fixture is designed [20] to guide the
hybrid composite beams. The displacement-controlled bending tests are performed according
to the ASTM D790-03 standards [13], on an Instron 4505 testing machine, with a 10 kN load
cell. The test results for the compact cord on the neutral fibre are presented in the next
section. The behaviour of the beam when the steel cord is under compression, is discussed
in § 7.3.2. The experimental results for the reinforcement in the tensile zone are summarized
in § 7.3.3. Finally, the bending test results are related with the pull-out data of the previous
chapter.
Figure 7.27: Experimental setup for three-point bending of hybrid composites
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7.3.1 Steel Cord on Neutral Fibre
When the steel cord is embedded on the neutral fibre, it does not contribute to the flexural
stiffness of the hybrid composite. Hence, the formula (3.1) for the bending modulus
Eb =
m
4 t
(
L
H
)3
(7.34)
still holds, with m the slope of the tangent to the initial load/deflection curve. The flexural
strength (3.2) is estimated as
Xf =
3
2
LFmax
tH2
(7.35)
with Fmax the maximum load. The corresponding strain (3.3) is given by
f = 6
HDmax
L2
(7.36)
where Dmax is the midspan deflection at maximum load.
t H Eb Xf f Etot Ea
[mm] [mm] [MPa] [MPa] [%] [J] [%]
GMT40CC C01 6.76 40.07 2475 90.2 6.33 32.35 51.9
GMT40CC C02 6.67 40.12 2825 91.6 6.46 28.44 42.12
GMT40CC C03 6.75 39.83 2848 96.9 7.02 40.56 52.98
Mean 2716 92.9 6.60 33.8 49.0
Deviation 209 3.53 0.36 6.18 5.98
Variation 7.69 3.8 5.55 18.3 12.2
Simulation 2962
Model Match 109
Table 7.12: Static bending tests on SRTP-CC with CC on neutral fibre
Table 7.12 presents the results of the static bending tests (with speed v = 2 mm/min and
span L =140 mm) on compact cord reinforced GMT40 samples. The total energy Etot is
calculated as the surface under the load/deflection curve, and Ea is the amount of energy
absorbed after the maximum load Fmax is reached.
These results show that there is only a small variation on the bending stiffness and strength,
and that the scatter on the absorbed energy is somewhat larger. Almost half of the energy Etot
is absorbed after the maximum load Fmax is reached. The bending stiffness prediction (7.31)
does no longer hold, since classical laminate theory is only valid under the assumption of a
thin laminate. An elastic finite element model is developed to predict the bending stiffness
of steel cord reinforced thermoplastics. A detailed description of this model can be found
in [19]. Here, the results are discussed and compared with the experimental data.
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Figure 7.28: Simulated bending test on GMT40 (left) and SRTP-CC (right)
A GMT40 matrix (with the properties of Table 3.12 and dimensions L = 140 mm, H = 40
mm and t = 7 mm) is reinforced with a compact cord, with the elastic properties of Table 5.1
and the flow curve of Fig. 5.23. The supports and the indentor are modelled as rigid cilinders
with a radius r = 5 mm. Fig. 7.28 shows the dimensionless stress distribution σvm/Xf , with
σvm the equivalent Von Mises stress (3.14), and Xf = 93 MPa the flexural strength. It is
clearly seen that the presence of a steel cord on the neutral fibre does not significantly affect
the stress distribution in the matrix.
Figure 7.29: Simulated bending curve for experiment GMT40CC C03
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Fig. 7.29 compares the simulated load/deflection curve with the bending test GMTCC C03.
Note that the initial (linear elastic) bending stiffness is slightly overestimated by the finite
element calculation. The predicted value for Eb is compared with the experimental data in
Table 7.12.
t H v Eb Xf f Etot Ea
[mm] [mm] [mm/min] [MPa] [MPa] [%] [J] [%]
GMT40CC C04 6.78 40.09 45 2807 105.0 7.24 42.59 49.96
GMT40CC C05 6.78 40.16 45 2966 107.1 6.62 40.02 52.45
GMT40CC C06 6.70 40.17 1000 2617 122.8 8.41 51.92 43.14
GMT40CC C07 6.82 40.18 1000 2511 110.4 9.27 86.56 62.47
GMT40CC C08 6.74 40.16 1000 2760 114.5 9.07 71.46 58.66
Table 7.13: Quasistatic bending tests on SRTP-CC with CC on neutral fibre
To investigate the strain rate sensitivity at moderate rates of deformation, quasistatic bending
experiments are performed at test speeds v = 45 mm/min and v = 1000 mm/min. The results
are presented in Table 7.13. While the bending stiffness Eb is not significantly affected, both
the flexural strength Xf and failure strain f increase with the strain rate. Consequently,
the energy absorption is higher when the test speed is raised. This interesting behaviour is
clearly demonstrated by Fig. 7.30.
Figure 7.30: Strain rate sensitivity for SRTP-CC with CC on neutral fibre
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In Fig. 7.35, the specimens after the bending experiments are shown for increasing test
speed. Though the GMT40 matrix fails completely, the compact cord reassures the structural
integrity of the hybrid composite sample! The steel cord pull-out increases from δ ≈ 20 mm
(at v = 2 mm/min) over δ ≈ 40 mm (at v = 45 mm/min) to δ ≈ 60 mm (at v = 1000
mm/min).
7.3.2 Steel Cord under Compression
When the steel cord is not positioned on the neutral fibre (e 6= 0), the simple approximations
for the bending stiffness (7.34) and flexural strength (7.35) do no longer hold. However, the
normal stress distribution σ(z) = a z in the matrix still can be obtained by the classical beam
theory. For a steel cord under compression, the neutral fibre is shifted upwards (Fig. 7.31).
Figure 7.31: Stress distribution σ(z) and equivalent cross section
The distance dn is calculated by expressing that the resulting normal force N is zero for pure
bending:
N =
t
2
z1 σ(z = z1) +
piD2f
4
Ef
Em
σ(z = e− dn)− t2 z0 σ(z = z0) = 0 (7.37)
with z0 = −
(
H
2
+ dn
)
and z1 =
H
2
− dn. Hence,
N =
a t
2
[(
H
2
− dn
)2
−
(
H
2
+ dn
)2]
+ a
piD2f
4
Ef
Em
(e− dn) = 0 (7.38)
In this equation, the steel cord is considered to be a line with negligible dimensions: both the
variation of the stress over the cross section of the steel cord and the reduction of the matrix
section are neglected. The stress distribution σ(z) is shown in Fig. 7.31.
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Solving (7.38), the position of the neutral fibre is found to be
dn = e
pi D2f
4
Ef
Em
piD2f
4
Ef
Em
+H t
= e
Af Ef
Af Ef +AmEm
(7.39)
with Af and Am the cross section of the steel cord and the matrix respectively. Note that the
neutral fibre coincides with the centre of gravity of a fictitious section, where the steel cord
is replaced by a surface element with height
h′ =
piD2f
4 t
(7.40)
and width
t′ =
Ef
Em
t (7.41)
This equivalent cross section is shown in Fig. 7.31. The resulting bending moment M is
calculated as
M =
z1∫
z0
z σ(z) t dz + (e− dn) σ (e− dn) Af Ef
Em
= a
 z1∫
z0
z2 dA+ (e− dn)2 Af Ef
Em
 (7.42)
= a
[
Iyy + (e− dn)2 Af Ef
Em
]
= a I ′yy
where I ′yy is the moment of intertia of the fictitious section around the horizontal axis through
its centre of gravity. The bending moment M(x), schematically shown in Fig. 7.26, reaches
its maximum value
Mmax = −F L4 (7.43)
in x = L/2. Thus, the flexural strength Xf for a hybrid composite sample with the steel cord
under compression yields
Xf =
Mmax
I ′yy
z0 =
Fmax L
4 I ′yy
(
H
2
+ dn
)
(7.44)
The corresponding stress in the steel cord is
σf =
Ef
Em
Mmax
I ′yy
(e− dn) = − Ef
Em
Fmax L
4 I ′yy
(e− dn) (7.45)
Table 7.14 presents the results of static bending tests (with speed v = 2 mm/min and span
L = 140 mm) on hybrid composite specimens, with the compact cord under compression (e
= 10 mm). The flexural strength and total energy absorption are not significantly altered by
introducing a steel cord in the compression zone. However, most energy is absorbed before
the maximum load is reached, which results in a decreased value for Ea.
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t H dn Xf σf Etot Ea
[mm] [mm] [mm] [MPa] [MPa] [J] [%]
GMT40CC A01 7.34 40.00 0.765 81.22 -996 31.95 30.12
GMT40CC A02 7.07 40.22 0.788 95.73 -1163 27.7 31.41
GMT40CC A03 7.18 40.21 0.777 92.28 -1124 34.35 30.39
Mean 89.7 -1094 31.3 30.64
Deviation 7.58 87.53 3.37 0.68
Variation 8.44 8.0 10.7 2.22
Table 7.14: Static bending tests on SRTP-CC with CC under compression
Fig. 7.32 clearly indicates that the initial bending stiffness can be closely predicted by a
linear elastic finite element simulation. The dimensionless stress distribution σvm/Xf , and the
corresponding bending stress σ(z), are shown in Fig. 7.33. Due to local stress concentrations
under the indentor, the simulated value for σ(z1) is somewhat higher than
Mmax
I ′yy
z1 = −Fmax L4 I ′yy
(
H
2
− dn
)
(7.46)
Figure 7.32: Simulated bending curve for experiment GMT40CC A02
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Figure 7.33: Simulated bending stresses for SRTP-CC with CC under compression
To investigate the strain rate sensitivity at moderate rates of deformation, quasistatic bending
experiments are performed at test speeds v = 45 mm/min and v = 1000 mm/min. The results
are presented in Table 7.15 and Fig. 7.34.
t H dn v Xf σf Etot Ea
[mm] [mm] [mm] [mm/min] [MPa] [MPa] [J] [%]
GMT40CC A04 7.15 40.15 0.781 45 111.1 -1354 30.18 28.16
GMT40CC A05 7.07 40.22 0.788 45 110.0 -1336 31.45 33.03
GMT40CC A06 7.11 40.16 0.785 1000 125.4 -1522 47.87 47.54
GMT40CC A07 7.00 40.17 0.796 1000 105.5 -1276 38.59 46.54
GMT40CC A08 7.01 40.14 0.796 1000 124.6 -1516 41.67 34.57
Table 7.15: Quasistatic bending tests on SRTP-CC with CC under compression
Once more, the bending stiffness is not significantly affected, but both flexural strength and
failure strain increase with the strain rate. Fig. 7.35 shows that the energy absorption is higher
when the test speed is raised. In Fig. 7.35, the specimens after the bending experiments
are shown for increasing test speed. Matrix failure occurs when σ(z0) = Xf , and a crack
propagates through the entire matrix. Structural integrity is provided by the steel cord
reinforcement.
7.3.3 Steel Cord in Tensile Zone
The expressions, derived in the previous section, are still valid when the compact cord is
positioned in the tensile zone (e < 0). The matrix now fails in compression, with
Xf = −Fmax L4 I ′yy
(
H
2
− dn
)
(7.47)
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Figure 7.34: Strain rate sensitivity for SRTP-CC with CC under compression
and the corresponding stress in the steel cord yields
σf = − Ef
Em
Fmax L
4 I ′yy
(e− dn) > 0 (7.48)
which is a tensile stress, since e < 0 and dn < 0. Table 7.16 summarizes the results of
static bending tests (with speed v = 2 mm/min and span L = 140 mm) on hybrid composite
specimens, with the compact cord in the tensile zone (e = - 10 mm).
t H dn Xf σf Etot Ea
[mm] [mm] [mm] [MPa] [MPa] [J] [%]
GMT40CC B01 6.63 40.15 -0.837 -103.1 1245 54.16 57.79
GMT40CC B02 6.51 40.10 -0.852 -98.77 1191 51.92 53.43
GMT40CC B03 6.61 40.16 -0.839 -106.2 1282 55.74 60.33
Mean -102.7 1239 53.94 57.18
Deviation 3.73 45.76 1.92 3.49
Variation 3.63 3.69 3.55 6.10
Table 7.16: Static bending tests on SRTP-CC with CC in tensile zone
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Figure 7.35: SRTP-CC samples with CC under compression (left) and on neutral fibre (right)
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Figure 7.36: Simulated bending curve for experiment GMT40CC B01
From this data, the advantage of introducing steel cords in the tensile zone is obvious: the
total energy absorption increases with 75% ! Moreover, steel cord pull-out contributes to a
higher value for Ea. The simulated bending curve, shown in Fig. 7.36, proves that the finite
element model, presented here, can describe the linear elastic bending behaviour of hybrid
composite materials. Hence, it is a useful extension to the work of Hendrikx [1].
Figure 7.37: Simulated bending stresses for SRTP-CC with CC in tensile zone
The dimensionless stress distribution σvm/Xf and the corresponding bending stress σ(z) are
shown in Fig. 7.37. Due to local stress concentrations under the indentor, the theoretical
flexural strength (7.47) is slightly overestimated.
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To investigate the strain rate sensitivity at moderate rates of deformation, quasistatic bending
experiments are performed at test speeds v = 45 mm/min and v = 1000 mm/min. The results
are listed in Table 7.17.
t H dn v Xf σf Etot Ea
[mm] [mm] [mm] [mm/min] [MPa] [MPa] [J] [%]
GMT40CC B04 6.69 40.17 -0.830 45 -107.9 1303 52.32 55.16
GMT40CC B05 6.70 40.20 -0.828 45 -110.6 1336 69.09 53.37
GMT40CC B06 6.66 40.09 -0.835 1000 -120.6 1459 64.30 46.67
GMT40CC B07 6.56 40.12 -0.846 1000 -117.6 1419 72.03 55.10
GMT40CC B08 6.54 39.96 -0.851 1000 -114.4 1385 64.71 49.64
Table 7.17: Quasistatic bending tests on SRTP-CC with CC in tensile zone
The absorbed energy increases considerably under quasistatic test conditions, as shown on
Fig. 7.38. Note that the stress σf in the steel cord is always lower than the tensile strength
XT , and pull-out without cord fracture occurs.
Figure 7.38: Strain rate sensitivity for SRTP-CC with CC in tensile zone
The specimens after the bending experiments are shown in Fig. 7.43 for increasing test
speed. Important plastic deformation is observed under the indentor, and the matrix fails
completely. In all the experiments, compact cord pull-out (with δ ≈ 40 mm) is observed.
Again, the compact cord guarantees structural integrity of the material.
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7.3.4 Correlation with Pull-out Testing
The influence of the steel cord position and the test speed is most pronounced on Fig. 7.39: in
a static bending test, the compact cord on the neutral fibre hardly contributes to the energy
absorption. When the steel cord is positioned in the tensile zone, however, the absorbed
energy at v = 1000 mm/min has increased with more than 250% !
Figure 7.39: Influence of steel cord position and test speed on energy absorption
Broeckaert [21] studied the correlation between pull-out tests and three point bending ex-
periments. He performed static bending tests on hybrid composite samples with the steel
cord, embedded over a varying length, in the tensile zone. Comparing the area under the
load/deflection curve for bending tests with and without steel cord, Broeckaert elucidates the
contribution of pull-out on the total energy absorption. The increase in absorbed energy is
almost entirely due to frictional sliding of the steel cord, and can be predicted by performing
a static pull-out test. Fig. 7.40 shows an X-ray image of a hybrid composite sample before
and after three point bending.
The correlation between the energy absorption during three-point bending and steel cord pull-
out can be easily deduced from Tables 6.1, 7.12 and 7.16. In our experiments, symmetrical
steel cord pull-out with δtot = 2 δp = 40 mm is observed.
264
Chapter 7. Micromechanical Model for Steel Fibre Reinforced Composites
Figure 7.40: X-ray image of partial pull-out after three point bending [21]
The load/deflection curves of hybrid composite samples with the steel cord on the neutral
fibre, Fn (δ), and the steel cord in the tensile zone, Ft (δ), hence can be related with the
pull-out history Fp (δ) :
δf∫
0
[Ft (δ)− Fn (δ)] dδ = 2
δp∫
0
Fp (δ) dδ (7.49)
with δf = 50 mm and δp = δf − δ0. This expression is schematically shown in Fig. 7.41. The
deflection δ0, at which pull-out occurs, is directly related to (7.48) :
Ft (δ0)
Fmaxp
=
16
piD2f
Em
Ef
I ′yy
L (dn − e) (7.50)
where Fmaxp corresponds to the pull-out load, listed in Table 6.1. Thus, the total energy
absorption for a hybrid composite specimen in bending can be predicted from a three-point
bending test on the GMT40 matrix and a static pull-out test:
Etot =
δf∫
0
Fn (δ) dδ + 2
δp∫
0
Fp (δ) dδ (7.51)
For instance, for experiments GMT40CC C02 and PO 07A, the predicted Etot corresponds
almost exactly to the energy absorbed in the GMTCC40 B02 bending test!
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Figure 7.41: Correlation between hybrid bending experiments and pull-out tests
7.4 Dynamic Three Point Bending
Since the hybrid composite with the compact cord in the tensile zone proves to be a promising
material combination under quasistatic loading (Fig. 7.39), drop weight tests are performed to
assess the structural integrity after impact. The drop weight test facility, presented in section
5.4.1, is adjusted [20] to perform dynamic three point bending tests. The experimental setup
is shown in Fig. 7.42.
The special fixture, shown in Fig. 7.27, is mounted on a ground plate to guide the hybrid
composite beams. The drop weight has an adjustable mass (5 kg < m < 10 kg), and the
maximum falling height is h = 225 cm. The indentor, applied in the static bending tests, is
used as impactor nose. The initial impact velocity is measured by means of two laser beams.
The measured initial velocity vi is compared with the theoretical value v =
√
2 g h in Table
7.18. This energy balance shows that the average energy loss
∆E = 1− Ekin
Epot
= 1− mv
2
i /2
mg h
= 1−
(vi
v
)2
(7.52)
for this drop weight facility is ∆E ≈ 14 %. Drop weight tests are performed with different
falling height, for an impactor mass m = 5 kg. The results are listed in Table 7.18.
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Figure 7.42: Drop weight facility for dynamic trhee point bending of hybrid composites
Fig. 7.43 compares the hybrid composite samples after impact with the static three point
bending beams. At low impact velocities, there is little or no visible damage. When the falling
height is higher, the plastic deformation in the compression zone increases considerably, and
the matrix material fails. In all the experiments, however, structural integrity is retained
thanks to the compact cord reinforcement!
h v vi Epot Ekin ∆E
[m] [m/s] [m/s] [J] [J] [%]
1.00 4.17 4.17 49.05 43.47 11.37
1.25 4.58 4.58 61.31 52.44 11.47
1.50 4.95 4.95 73.58 61.26 16.74
1.75 5.50 5.50 85.84 75.63 11.90
2.00 5.81 5.81 98.10 84.39 11.98
2.25 6.05 6.05 110.36 91.51 17.08
Table 7.18: Energy balance for drop weight test facility
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Figure 7.43: Static (left) and dynamic (right) SRTP-CC samples with CC in tensile zone
268
Bibliography
[1] J. Hendrikx, “Stiffness and strength of a steel reinforced thermoplastic composite: anal-
ysis, modelling and validation,” M.S. thesis, University of Twente, 2006.
[2] R.M. Jones, Mechanics of composite materials, Scripta Book Company, 1975.
[3] J.C. Halpin and S.W. Tsai, Effects of environmental factors on composite materials,
AFML-TR, June 1969.
[4] K.S. Pister and S.B. Dong, “Elastic bending of layered plates,” Journal of Engineering
Mechanics, pp. 1–10, 1959.
[5] V.D. Azzi and S.W. Tsai, “Elastic moduli of laminated anisotropic composites,” Exper-
imental Mechanics, pp. 177–185, 1965.
[6] S.W. Tsai and V.D. Azzi, “Strength of laminated composite materials,” AIAA Journal,
vol. 4(2), pp. 296–301, 1966.
[7] R. To¨rnqvist, Datasheet GMT40, Quadrant Plastic Composites, 2001.
[8] Bekaert NV, Steel wire and steel cord products, 2005.
[9] M.D. Gan, “Material testing of steel cord reinforced thermoplastics,” Tech. Rep., TNO
Automotive, 2005.
[10] International Organization for Standardization, “International standard ISO 527-4 plas-
tics - determination of tensile properties IV: test conditions for isotropic and orthotropic
fibre reinforced plastic composites,” 1997.
[11] International Organization for Standardization, “International standard ISO 14126 for
fibre reinforced plastic composites - determination of compressive properties in the in-
plane direction,” 1999.
[12] American society for testing and materials, “ASTM D3039 standard test method for
tensile properties of fibre resin composites,” 1989.
269
Bibliography
[13] American society for testing and materials, “ASTM D790-03 standard test method
for flexural properties of unreinforced and reinforced plastics and electrical insulating
materials,” 2003.
[14] S. Lee and M. Munro, “Evaluation of in-plane shear test methods for advanced composite
materials by the decision analysis technique,” Experimental Mechanics, pp. 1–12, 1994.
[15] American society for testing and materials, “ASTM D5379-98 standard test method for
shear properties of composite materials by the V-notched beam method,” 1998.
[16] M.Y. Tsai, H. Ho, and J. Morton, “Numerical analysis of the Iosipescu specimen for
composite materials,” Composites Science and Technology, vol. 46, pp. 115–128, 1993.
[17] C.M. Fremgen, S. Schmeer, L. Mkrtchyan, U. Huber, and F. Van den Abeele, “Material
modelling of steel cord reinforced thermoplastics,” Tech. Rep., Institut fu¨r Verbundw-
erkstoffe, 2004.
[18] M. Maier, U. Huber, L. Mkrtchyan, and C.M. Fremgen, “Recent improvements in ex-
perimental investigation and parameter fitting for cellular materials subjected to crash
loads,” Composites Science and Technology, vol. 63(14), pp. 2007–2012, 2003.
[19] G. Villamudria de la Fuente, “Finite element modelling of hybrid composite materials,”
M.S. thesis, Ghent University, 2006.
[20] M. Galle, “Drop weight test facility for composite material testing,” M.S. thesis, Ghent
University, 2006.
[21] W. Broeckaert, “Damage propagation in steel wire reinforced thermoplastic composites,”
M.S. thesis, Katholieke Universiteit Leuven, 2003.
270
Chapter 8
Drop Weight Testing and
Structural Validation
A demonstrator impact beam is designed and tested for the purpose of structural validation.
In the first design stage, full-scale GMT beams with a simple HAT-profile are evaluated
in static three point bending. The cross section of the beam is then optimized through a
parametric FE study, and steel cord reinforcement is introduced as a rebar layer. Various
drop weight tests and pendulum experiments on the optimized impact beam are reported.
At the end, an accurate description of the impact behaviour of this full-scale component is
presented as the pinnacle of this doctoral research. Unfortunately, the most striking results
cannot be disclosed due to confidentiality [1]. Some details about the drop tests can be found
in the master theses of Sven Van Wemmel [2] and Tom Vyncke [3]. It has been a personal
privilege to join Bekaerts BumperBeamTeam (Willem Dekeyser, Jeroen Gallens, Ali Sarban
and Erwin Lokere) for the structural design and validation of composite impact beams.
Figure 8.1: Drop Weight Testing and Structural Validation
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8.1 Drop Weight Testing
Impact testing was originally developed to determine the fracture characteristics of raw mate-
rials under high strain rates. Standard test methods designed for pendulums [4, 5] and simple
drop weight testers [6, 7] require specific equipment design, specimen geometry and analysis
of results.
Processing composite materials into finished components directly affects the impact perfor-
mance characteristics. Standard test methods such as Charpy, Izod and Gardner are impor-
tant tools for raw material research and quality control, but provide little or no understanding
of the actual crashworthiness under impact loading.
Fortunately, the past decade has witnessed a significant expansion in the application of in-
strumented impact testing [8], where the load on the specimen is continuously recorded as
a function of time and deflection prior to fracture. This state-of-the-art data acquisition
provides a much more complete representation of the structural behaviour during impact.
Instrumented drop weight testing and pendulum experiments are considered the best general
impact testing methods presently available. In this section, the research efforts on impact
testing of structural components are briefly outlined. After a short review on drop weight fa-
cilities (§ 8.1.1), the results of drop weight tests (§ 8.1.2) and pendulum experiments (§. 8.1.3)
are presented.
8.1.1 Drop Weight Facilities
In this section, the drop weight facilities of collaborating laboratories are compared with the
in-house experimental setup, and the commercially available solutions. A new specific design
for high-end testing of structural components is presented as well.
Zentrum fu¨r Angewandte Raumfahrttechnologie und Mikrogravitation
The most impressive drop weight facility is undoubtedly the ZARM drop tower, located at
the campus of the University of Bremen (Fig. 8.2). This huge tower houses a 150 meter high
evacuable steel tube, designed for microgravity research purposes [9]. The drop capsule is a
pressurized cylinder with a nominal weight of 500 kg, which can reach a maximum velocity of
more than 50 m/s. Braking of the fallen capsule is performed in an 8 meter deep deceleration
container, filled with polystyrene pellets. In the basement of the building, a capsule catapult
has been constructed, allowing to double the experiment time up to almost 10 seconds of free
fall.
Other drop towers, built for applied space technology and microgravity research, can be found
in Grenoble (50 m), Madrid (22 m) and Cleveland, Ohio (25 m).
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Figure 8.2: Bremen Drop Tower
Institut fu¨r Verbundwerkstoffe
For experimental studies on the impact behaviour and energy absorption of materials and
structural components, the Institut fu¨r Verbundwerkstoffe (IVW, Kaiserslautern) is equipped
with a drop tower for research and service purposes [10].
This falling mass system has a drop height of 15 meter, which leads to a maximum impact
velocity of 16 m/s. The impact mass, located on a transport sledge, is pulled up to the
required falling height by a PLC-controlled winch, and released by means of a pneumatic
cylinder. The striker carriage with variable mass (up to 50 kg) impacts the specimen, which
is fixed on a piezoelectric load cell. Immediately before the carriage hits the specimen, the
initial impact velocity is measured by a light barrier.
Different impactors (flat, spherical, ...) are available for various impact setups. The impact
force and the decelerations are measured by a piezoelectric load cell and an accelerometer.
The displacement of the impacting carriage is monitored by a laser system.
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Figure 8.3: IVW Drop Tower
For data acquisition, a PC-based transient recorder is used with a maximum sample rate of
300 kHz. To document the experiments, a high speed camera with a maximum frame rate of
6800 fps is available. The IVW drop tower is shown in Fig. 8.3.
Netherlands Organisation for Applied Scientific Research
Dynamic three-point bending experiments on GMT impact beams, performed at TNO Au-
tomotive, are reported by Wang [11]. The experimental setup is shown on Fig. 8.4. Glass
fibre reinforced thermoplastic beams are impacted by an aluminium cylinder with a diameter
D = 135 mm. This impactor is released by a spring, and strikes the sample with an initial
velocity vi = 15 km/h. The total impactor mass isM = 50.7 kg. The rounded supports (with
diameter d = 30 mm and span L = 900 mm) are made of standard steel 37.
Five global signals are recorded: the force, accelaration and displacement of the spring im-
pactor; and the two support forces under the GMT beam. Moreover, the initial impactor
velocity is measured. To capture local deformation signals, two uniaxial strain gauges and
one biaxial strain gauge are positioned in the plane of symmetry. More details about the
experimental setup and the data acquisition can be found in [11].
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Figure 8.4: Experimental setup for dynamic bumper beam experiments [11]
Commercial Impact Test Solutions
The automotive industry remains one of the most common and vulnerable to impact events.
Depending on the component, impact damage can have a minor effect on appearance or lead
to a major failure in vehicle safety.
Automotive bumper assemblies play a critical role in vehicle safety. Designed to absorb and
dissipate energy from accidental impacts with other automobiles or stationary objects, front
bumper assemblies protect the engine from being forced into the passenger compartment and
causing harm to the passengers.
In many vehicles, the supports fastening the bumper to the chassis are made from steel.
Lower weight materials will improve the fuel efficiency of the vehicle, but may not exhibit
the same crash resistance. It will be shown that steel cord reinforced thermoplastics show
superior impact resistance properties. In order to compare and qualify alternative materials
for bumper components, manufacturers need test equipment to simulate automotive collisions
and measure the resulting impact performance characteristics [12].
Instron delivers a high-energy model 8150 drop tower [13] to test both individual extruded
bumper supports and complete bumper assemblies. The base plate of the tower is modified to
accommodate the size of the appliciation-specific fixture (see Fig. 8.5), and includes custom
clamping wedges to position the extruded parts for testing.
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Figure 8.5: Instron drop tower for testing full-size automotive bumper assemblies [12]
For data acquisition, Instron designed a unique load cell with multiple piezosensors and a spe-
cial striker to replicate the profile of a car bumper. This complete impact test system, shown
in Fig. 8.5, is able to accurately simulate bumper-to-bumper collisions, and compare the
resulting energy absorption and deflection performance of alternative material combinations.
UGent Drop Weight Test Facilities
The department of Mechanical Construction and Production disposes of a small-scale exper-
imental facility for drop weight testing, covering the range of impact velocities from 1 to 6
m/s. This setup allows the use of purpose-designed projectiles, and can be applied for various
applications such as transverse impact experiments on composite plates, drop weight tests on
helmets, leg guards,...
The small-scale drop weight facility, shown in Fig. 8.6, is equipped with high frequency
instrumentation to measure displacements, velocities and forces during the experiment. In
this work, the setup has succesfully been applied to study the strain rate sensitivity of steel
cords (Fig. 5.19), and to perform dynamic three point bending tests on hybrid composite
beams (Fig. 7.42).
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Figure 8.6: Small-scale drop weight test facility
In order to perform validation tests on structural components, a large-scale drop weight test
facility has been adopted according to the Falling Object Protective Structures [14] standards.
This facility, with a maximum falling height of 12 meter, uses two types of steel impactors:
a cylinder (with length L = 800 mm, diameter D = 230 mm and mass M = 260 kg) and
a sphere (with diameter D = 230 mm and mass M = 50 kg). These impactors, and their
mechanical release mechanism, are presented in Fig. 8.7.
This facility has been used to perform instrumented drop weight tests on impact beams,
reinforced concrete, crash barriers, car components, bodywork,... The experiments can be
equipped with high frequency instrumentation to measure the impactor velocity history, and
a high speed camera to obtain valuable data on failure modes and damage growth.
In this work, the large-scale drop weight facility has been redesigned to conduct validation
tests on structural components. The next section presents a brief summary of the obtained
drop weight test results. However, due to confidentiality issues, the detailed data cannot be
disclosed.
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Figure 8.7: Impactors for drop weight testing
8.1.2 Drop Weight Experiments
During the design process of hybrid composite impact beams, numerous drop weight tests
have been performed to assess the crashworthiness of these structural components.
The experimental setup is shown in Fig. 8.8. The test matrix includes
• varying the drop height from 1 to 10 meter
• designing the impact beam profile (§ 8.2.2)
• testing different material combinations
• engineering the steel cord distribution
• integrating crash boxes and foam cushion
The initial velocity of the cylindrical impactor (M = 260 kg) is measured by means of a laser
beam for all the experiments. Moreover, the deflection of the impact beam is recorded with a
high speed camera. The drop test results are subject to a secrecy agreement [1], and cannot
be published. Fig. 8.9 shows the impact response of a demonstrator beam during the drop
weight test. The damaged components are shown in Fig. 8.10.
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Figure 8.8: Large-scale drop weight test facility
Figure 8.9: Drop weight testing on demonstrator impact beams
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Figure 8.10: Damaged demonstrator beams after drop weight testing
8.1.3 Pendulum Tests
In the automotive industry, three types of impact requirements (legal, insurance and cus-
tumor) exist for bumper systems. The legal requirements are the minimum prerequisites a
bumper system must fulfil. The more stringent insurance and customer tests are not com-
pulsory, but OEMs take them into account because of economical reasons, since safety of
cars has become an important marketing issue. An overview of legal, insurance and customer
requirements is presented in [15]. It should be noted that a worldwide uniform standard is
not available, and different requirements hold for Europe and the USA.
Figure 8.11: Experimental setup for pendulum experiments
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Besides drop weight testing, a bumper beam has to pass pendulum experiments as well. A
typical pendulum test on a bumper beam with crash boxes is shown in Fig. 8.12. The drop
weight facility has been redesigned to meet the US bumper standard [16]. Fig. 8.11 shows
this experimental setup.
Figure 8.12: Pendulum test on a bumper beam [17]
The impact beam, protected by a foam cushion, is struck by a pendulum-shaped impactor
(with a mass M = 272 kg and an initial velocity vi = 2 m/s). The impactor displacement is
measured optically, and automotive OEMs even have the capability of monitoring the contact
force by means of dynamic load cells under the supports, as shown in Fig. 8.12.
Figure 8.13: Pendulum tests with and without impact damage
Fig. 8.13 shows the demonstrator impact beams after pendulum testing. The corresponding
curves, obtained at [1], are presented in Fig. 8.14. The velocity profile v(t) for the first trial,
shown in Fig. 8.15, indicates the dynamic response of the bumper system.
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Figure 8.14: Force/deflection curves for the pendulum experiments
Figure 8.15: Impactor velocity during pendulum testing
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Assuming that the impactor is rigid (at least compared to the stiffness of the GMT impact
beam), and that the demonstrator mass m is negligible (mM), the entire assembly can be
modelled as a mass/spring sytem. Thus, the impactor velocity and acceleration signals have
to be filtered (cfr. Fig. 8.15) to eliminate the eigenfrequencies. Hence, the force history F (t),
measured by the load cells, is directly related to the deceleration a(t) of the impactor:
F (t) =M a(t) (8.1)
Since pendulum experiments are conducted on a (vertical) drop weight facility, the expression
(8.1) for the force has to be corrected with the impactor weight:
F (t) =M [a(t)− g] (8.2)
with g = 9.81 m/s2. Fig. 8.16 shows a very good agreement between the optical measurement
and the data, obtained from the dynamic load cells. Thus, under the assumption of a rigid
impactor (withM  m), a reliable force/deflection curve can be acquired by simply recording
the impactor displacement history!
Figure 8.16: Pendulum forces obtained from load cell and deceleration
Fig. 8.17 shows the corresponding impact energy
Eimp(t) =
t∫
0
F (τ) v(τ) dτ (8.3)
283
Chapter 8. Drop Weight Testing and Structural Validation
Figure 8.17: Impact energy absorbed during pendulum experiment
It should be noted that the maximum energy, transferred from the drop weight to the impact
beam, is well over 35 % higher than the initial kinetic energy
E0 =
M
2
v2i =
M
2
v2(0) =M gH (8.4)
indicated by the dotted line. Indeed, performing pendulum experiments on a drop weight
facility has an important repercussion on the impact energy balance, because the drop weight
gains potential energy during the deflection of the structural component. As a result, the
available drop weight energy Eav is to be calculated as the initial kinetic energy E0, augmented
by the potential energy
Epot =M g
t∫
0
v(τ) dτ (8.5)
the drop weight gains during its travel, while the total impact energy
Etot =
M
2
v2(t) +
t∫
0
F (τ) v(τ) dτ (8.6)
is the sum of the kinetic energy Ekin, and the energy Eimp transferred to the structural
component. This impact energy balance is shown on Fig. 8.18.
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Figure 8.18: Drop weight energy balance during pendulum testing
Again, it is emphasized that a drop weight pendulum test is much more severe than the same
experiment on a horizontal setup.
8.2 Structural Validation
The experiments on structural components provide a means of validating the impact damage
model, developed in Chapter 4, in realistic crash situations. In this section, the capability to
predict damage initiation and propagation under static loading is investigated in § 8.2.1. The
application of the numerical tools and utilities, developed in the course of this work, to the
structural design of hybrid composite impact beams is addressed in § 8.2.2. At the end of this
chapter, an accurate description of the impact behaviour of a full-scale component during an
instrumented drop weight test (§ 8.2.3) is presented as the pinnacle of this doctoral research.
8.2.1 Static Three Point Bending
In the first design stage, full-scale GMT40 beams with a simple HAT-shaped profile are
evaluated in static three point bending experiments [18]. Fig. 8.19 shows the experimental
and simulated load/deflection curves for a bending test with span L = 750 mm and support
radius r = 15 mm. The indentor has a diameter φ = 135 mm and a velocity v = 50 mm/min.
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Figure 8.19: Static three-point bending test on GMT40 HAT profile
While the experimental curve is closely predicted by a linear elastic simulation, the damage
model fails to describe the correct mechanical response. This is due to the dynamic formula-
tion (4.23) of the impact damage model, and has already been reported by Leus [19]. When
calculating quasistatic problems (˙ < 1 /s), the damage is prone to localisation [20–22], which
can give rise to incorrect results. The simulated damage distribution is presented in Fig. 8.20.
Figure 8.20: Dimensionless damage distribution in a GMT40 HAT profile
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8.2.2 Design Optimization
The cross section of the GMT beam is optimized by performing a parametric finite element
study, with a static three point bending test as a benchmark. Within a geometrical design
space, the specific flexural rigidity of the GMT beam is maximized. The results of this
iterative design process are schematically presented in Fig. 8.21.
Figure 8.21: Structural design optimization
The finite element calculations revealed that the bending stiffness of the optimal demonstrator
beam would be even higher when tested upside down. A normal three-point bending test was
performed, and a finite element model was able to closely simulate the elastic response. Then,
the same calculation was performed with the demonstrator beam supported upside down. Fig.
8.22 proves that the experimental validation fully endorsed our numerical prediction!
A topology optimization is performed to calculate the most favourable steel cord distribution
[23]. Since the critical embedded length (6.9) is much smaller than the dimension of the
demonstrator beam, steel cord failure is expected. Hence, there is no need to model pull-out
behaviour when calculating full-scale structural components. The steel cord reinforcement
can be modelled as a rebar layer in shell elements (Fig. 8.23). For each layer, the rebar
properties have to be specified [24]:
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Figure 8.22: Increased bending stiffness when demonstrator beam is tested upside down
Figure 8.23: Rebar layer defining uniaxial reinforcement in shells [24]
• rebar layer name
• cross-sectional area of each rebar
• rebar spacing in the plane of the shell
• position of the rebars in the thickness direction
• rebar material name
• initial angular orientation
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Due to confidentiality issues [1], the results of the simulations on steel cord reinforced impact
beams cannot be disclosed. Nonetheless, the sneak preview offered in Fig. 8.24 could convince
the reader that the proposed rebar layer formulation yields reliable results.
Figure 8.24: Static three point bending test on steel cord reinforced demonstrator
8.2.3 Drop Test Simulation
To simulate the behaviour of full-scale structural components under dynamic loading, the
impact damage model is translated to a shell formulation (with σi3 = 0). Since the VUMAT
subroutine is used to define the material response, the transverse shear stiffness must be ex-
plicitly specified as the initial, linear elastic stiffness of the shell in response to pure transverse
shear strains [24]. For a homogeneous shell, made of a linear orthotropic elastic material, the
transverse shear stiffness Kij reads
K11 =
5
6
G13 t ; K22 =
5
6
G23 t ; K12 = 0 (8.7)
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where G13 and G23 are the out-of-plane shear moduli of the GMT matrix, and t is the shell
thickness. The factor 5/6 is the shear correction coefficient that results from matching the
transverse shear energy to that of a three dimensional structure in pure bending [25].
Figure 8.25: Load/deflection curves for drop weight test on demonstrator impact beam
The impact damage model is successfully validated on a fully instrumented drop weight test,
conducted at the research centre of an automotive OEM. Although the results are highly
confidential [1], they are widely recognised as a striking achievement of this doctoral research!
Fig. 8.25 shows the experimental and simulated load/deflection curves for a drop weight test
(M = 459 kg, vi = 15 km/h) on the optimized demonstrator impact beam. The corresponding
damage state is presented in Fig. 8.26. The very good agreement between simulation and
experiment provides a solid proof that the developed impact damage model can be used for
crash simulations.
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Figure 8.26: Structural validation for drop weight test on demonstrator impact beam
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Chapter 9
Conclusions and Incentives for
Further Research
An integrated experimental and numerical research approach has been presented to study the
impact behaviour of steel fibre reinforced composite materials. The most important achieve-
ments of the PhD research are summarized in this chapter. Moreover, a list of new ideas
and suggestions is presented as well. Most of the incentives for further research, suggested
here, are already explored in the work of Ruth Arribas Infante [1] and Vicky De Bruyne [2]. I
welcome the zealous enhusiasm of future master students Nico Burgelman, Jeroen Goethals,
Bert Hertleer, Davy Standaert, Alfons Theerens and Nikolaas Vermeulen with warm delight.
I cannot forget to thank my parents for their continuous support troughout the challenging
endeavour of this doctoral study. I shall always keep the marvel of the four-eyed smurf close
to my heart, with the greatest gratitude.
Figure 9.1: Conclusions and Incentives for Further Research
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9.1 PhD Research: Conclusions
In this work, an integrated experimental and numerical research approach is presented to
study the impact behaviour of steel fibre reinforced composite materials. The most important
achievements of this PhD research are summarized below:
• The impact behaviour of fibre reinforced plastics is still under study, and state-of-the-art
simulation tools are not yet available in commercial finite element codes. This work has
contributed to a more profound insight into the dynamic behaviour of fibre reinforced
thermoplastics.
• Fully instrumented and highly reproducible transverse impact experiments lead to the
experimental characterization of Glass Mat Thermoplastics under dynamic loading. The
development of impact damage was found to take place in two distinct stages: stable
nucleation and unstable propagation;
• An elastic finite element simulation can only predict the impact response of a composite
material when little or no damage is induced. For higher impact velocities, damage
modelling is required.
• An impact damage model for fibre reinforced composites was implemented in finite
elements. The governing equations, derived from continuum damage mechanics, relate
the effect of damage to a reduction of the elastic constants. The dynamic constitutive
equation accounts for the cumulative effects of strain rate, permanent deformation,
damage growth and viscoelasticity.
• The distributed matrix cracking was represented by a single scalar damage variable.
For a multiaxial stress state, the cumbersome damage tensor formulation is avoided by
introducing a properly chosen failure criterion, that reflects the actual stress intensity.
• An intelligent material model calibration was provided, by decoupling the different
parameters, based on their physical representation. The versatility and robustness of
the impact damage model was clearly demonstrated by closely simulating a large number
of transverse impact experiments, with a broad range of striking velocities.
• The impact damage model was translated to a shell formulation, and successfully applied
to simulate a fully instrumented drop weight test on a large-scale structural component.
The striking agreement between simulation and experiment provides valuable proof that
the developed numerical tools can be used for crash calculations.
• A new clamping device for (quasi)static steel cord testing was presented, and two types
of steel cord were compared: a compact cord, in which the filaments mainly have linear
contact with each other, and a high impact cord, with preformed filaments and a high
impact absorption capability.
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• High impact cord has a high elongation at break, but only moderate stiffness and
strength. In quasistatic tensile tests, individual filament failure was observed. Thus, a
high impact cord under static loading could be modelled as five strings in parallel, and
a simple Weibull damage model was proposed.
• Compact cord exhibits a linear elastic behaviour with brittle fracture: all the filaments
fail as one. Combining high stiffness and strength, this type of cord offers a promising
potential for its use in applications where crashworthiness is of major concern. There-
fore, the dynamic behaviour of compact cord has been examined, and the technical
feasibility of both drop weight tests and Hopkinson experiments was proven. The strain
rate dependency of the tensile strength was investigated, and a simple failure model has
been postulated.
• The interface between steel cord and matrix has a dominant influence on the resulting
mechanical properties of the hybrid composite material. Pull-out tests were reported
to study the interfacial behaviour and the corresponding energy absorption.
• A hybrid composite material, where a GMT40 matrix is reinforced with compact cords
(SRTP-CC), offers the highest potential for energy absorption. However, it was ob-
served that the absorbed energy decreases under dynamic loading. This indicates that
static pull-out tests cannot accurately predict the capability of steel cord reinforced
thermoplastics to dissipate impact energy. Moreover, due to the strain rate sensitivity
of the steel cords, cord failure (instead of pull-out) might be expected at higher strain
rates.
• High impact cord reinforcement (SRTP-HI) provides a promising energy absorption as
well, but its practical use is limited by a very low critical embedded length. Apply-
ing a polypropylene coating to improve the interfacial properties was found to be not
beneficial. On the other hand, a very flexible thermoplastic elastomer coating could be
beneficial: the maximum critical embedded length increases significantly, which results
in an improved energy absorption capability.
• Different interface models were analysed, and it was shown that the prevailing theories
are capable of describing the interaction between a composite matrix and a coated steel
cord, so these models can be applied to interpret pull-out data.
• A thermal mismatch model was presented to predict the energy absorption during pull-
out, using only two interfacial parameters. Although progressive debonding was not
incorporated, this elementary model is fit to simulate pull-out of a steel cord from a
composite matrix, and has been successfully applied to hybrid composite materials.
• A review of micromechanical models for steel fibre reinforced composites revealed that
the mechanical properties of hybrid composite laminates can accurately be predicted
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by applying basic composite theories. A large material analysis is not required: the
stiffness and strenght values can be calculated by using only the pre-production data,
which is directly available!
• A complete (quasi)static and dynamic experimental characterization of compact cord
reinforced GMT40 was conducted. The influence of the steel cord position in bending
experiments was quantified, and the results have been related to the pull-out data.
In all the impact experiments, structural integrity of the hybrid composite beams was
reassured by the steel cord reinforcement.
• A large-scale demonstrator impact beam was designed for the purpose of structural
validation. Instrumented drop weight test and pendulum experiments have been con-
ducted, but the results are subject to a non disclosure agreement. Under the assumption
of a rigid impactor, the force history can be acquired by simply recording the impactor
displacement. Moreover, it was shown that a drop weight pendulum test is much more
severe than the same impact experiment, performed on a horizontal setup.
9.2 Incentives for Further Research
This work claims to be a solid contribution to the impact damage mechanics of hybrid com-
posite materials. A very broad spectrum of topics has been addressed, in a combined experi-
mental and numerical framework. Diverse engineering solutions have been developed, driven
by a pragmatic approach. The theoretical answers to numerous scientific questions have been
implemented in a practical fashion, and were succesfully applied to solve real-life problems.
However, this book is by no means the end of the road...! During the meandering course of
my doctoral research, a lot of interesting queries on this innovative material technology have
been raised. The majority of these new ideas and suggestions has already been addressed
these last three years, and the preliminary research results give rise to quite some challenging
opportunities. These incentives for further research are briefly outlined below. While the
seeds are already sown, the fruits of these efforts are likely to be harvested by other authors.
• This dissertation provides a first insight into the dynamic behaviour of hybrid composite
materials, where the main focus is drawn at compact cord reinforced thermoplastics.
However, the study at hand can offer a faster and more profound understanding of other
material combinations. During this PhD research, a lot of efforts in this direction have
already been undertaken. A thorough experimental characterization of Twintex fabrics
and roving as matrix material can be found in [3]. In [1], the impact behaviour of Glass
Mat Thermoplastics, reinforced with unidirectional fibres (GMTud) is presented. The
dynamic behaviour of compact cord and high impact cord is described in [4]. Other
types of steel reinforcement, like OH wire [5] or even bead wire [6] have been studied as
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well. The numerical modelling of Twintex, reinforced with different types (high impact,
compact, normal tensile or super tensile) of steel cord reinforcement is published in [7].
Other new material combinations have been developed and analysed in cooperation with
IVW Kaiserslautern [8]. The interesting possibility of reinforcing a GMT matrix with
both steel wire and steel cord is explored in [9]. Finite element simulations of large-scale
impact beams in GMTud [10] and Twintex [11] have already been reported.
• In this work, a material model has been presented to predict the onset and growth of
impact damage in fibre reinforced thermoplastics. The simulation of multiple impacts, to
investigate the influence of an initial damage distribution to the material deterioration,
would be a very interesting extension of the current material model. Some preliminary
results are already reported in [12]. Moreover, the work presented in this book could
contribute to the ambitious endeavour to couple damage models for impact and fatigue
simulations [13]. The first experimental investigations (cfr Fig. 9.2) on this account can
be found in [14] and [15].
Figure 9.2: Experimental setup for fatigue bending experiments [16]
• The experience on Hopkinson testing of steel cord, gained in the scope of this research,
could be valorized in performing dynamic tests on tiny wires, yarns and tissues. For
instance, Hopkinson experiments on Kevlar fibres for bulletproof vests can now be
performed, relying on the acquired knowledge.
• It has been clearly indicated that the ability of static pull-out tests to predict the energy
absorption of hybrid composites under dynamic loading is limited. Hence, it would be
very fruitful to perform dynamic pull-out experiments (Fig. 9.3). The experimental
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facilities, developed during this research, can be readily applied, and a special fixture
for pull-out specimens has already been designed [4]. The interfacial behaviour of hybrid
composite materials under dynamic loading is currently under study [17].
Figure 9.3: Experimental setup for dynamic pull-out testing
• Full-scale finite element simulations have been reported on GMT40 (Chapter 8), GMTud
[10] and Twintex [11] impact beams. The damage model, formulated as a portable For-
tran77 code, is implemented as VUMAT user subroutine in Abaqus Explicit. Based on
the trainings I attended at Dynamore headquarters (Stuttgart), my private communi-
cations with dr. T. Mu¨nz, and the experience I gained from Prof. M. Bru¨nig and L.
Driemeier (Dortmund University), I am currently translating this Fortran code to a
subroutine in LS-Dyna, the most popular explicit finite element solver in the automotive
industry.
• The most daring challenge for future research is the introduction of steel cord rein-
forcement in the impact damage model. A first hybrid composite shell element has
been formulated by IVW Kaiserslautern [8]. They proposed an elastoplastic continuum
model for steel cord reinforced thermoplastics, but incorporated strain rate sensitivity
nor damage accumulation.
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Figure 9.4: Simulated tensile tests in longitudinal (left) and transverse (right) direction [8]
Fig. 9.4 shows tensile tests simulations in steel cord direction and in transverse direction.
Note that the latter yields poor results at higher strain values. Our material model has
been rewritten in a shell formulation, and rebar layers can account for the steel cord
reinforcement in elastic simulations. Moreover, this book presents all the scientific
knowledge required to successfully integrate the rebar layer concept with the existing
damage model.
• In this work, a demonstrator impact beam has been designed to show the promising
potential and technical feasibility of steel cord reinforced thermoplastics. Of course, it
goes without saying that this innovative material technology, combining high strength
steel cords with traditional reinforced plastics can be used for various other applications
[18]: bumper beams, door panels, bodywork, crash barriers, lighting poles, retrofitting
of buildings, conveyor belts, bulletproof vests, ...
• During the span of this work, a lot of questions have been raised on the temperature
dependent properties of fibre reinforced thermoplastics. For automotive applications,
the temperature range from -20◦C to +100◦C is of critical importance, and it is known
that the stiffness and strength of GMT40 decrease considerably with the temperature
[19]. To address this issue, an elaborate test program has been executed. The vast
majority of the experiments, listed below, was performed with utmost diligence by
master student Vicky De Bruyne [2].
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– 36 quasistatic tensile tests on GMT40
– 36 quasistatic bending tests on GMT40
– 10 dilatometric measurements on GMT40
– 24 quasistatic bending tests on SRTP-CC
– 24 impact experiments on SRTP-CC
The quasistatic experiments are conducted at four distinct temperatures (-20◦C, +20◦,
+60◦C and +100◦) and three different test speeds (2, 45 and 1000 mm/min). Fig. 9.5
shows the experimental setup for static testing at different temperatures.
Figure 9.5: Experimental setup for static testing at different temperatures
The impact experiments are performed at four distinct temperatures, and six different
drop heights (cfr Table 7.18). Fig. 9.6 shows the impact specimens after drop weight
testing for the lowest (T = -20◦ C) and highest (T= +100◦ C) temperature. While the
failure is more brittle when testing at low temperatures, the matrix material tends to
soften when heated. Nevertheless, during all the experiments, structural integrity was
reassured by the steel cord reinforcement!
Besides tensile tests, bending experiments and drop weight tests, dilatometric measure-
ments are performed to obtain values for the coefficient of thermal expansion α(T ).
Needless to say, a real treasure of experimental data is readily available in [2]!
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Figure 9.6: Cold (left) and hot (right) SRTP-CC samples with CC in tensile zone
• The current capabilities to perform large-scale drop weight tests, listed in § 8.1.1, can
no longer meet the growing demand for instrumented impact experiments. Hence, an
ambitious business plan to build a new research infrastructure has been submitted to
the department of technology transfer [20].
This plan proposes to inaugurate a vacant building (Fig. 9.7) to construct a 30 meter
high drop weight tower. An integrated feasibility study has already provided substantial
proof of concept [21]. Currently, the design of the experimental drop weight setup for
large-scale crash tests is being explored [22]. Moreover, a separate study to develop a
crash platform for extreme impact loads shall be available soon [23].
The Arribas drop weight tower and impact facility provides a unique opportunity to
sustain excellence in dynamic material research. It should be emphasized, however,
that such an ambitious endeavour can only succeed if one wants to believe in innovation
and growth. For there is no trying. There is only doing and not doing.
303
Chapter 9. Conclusions and Incentives for Further Research
Figure 9.7: Arribas drop weight tower and impact facility
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